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Preface 

The International Union of Theoretical and Applied Mechanics (IUTAM) initiated 
and sponsored an International Symposium on The Mechanical Effects of Welding. 
The Symposium was held in Lulea, Sweden, 10-14 June 1991. The intention of the 
Symposium was to gather active scientists in order to assess the current state of the 
art and future directions. 

The field of welding is an area which includes a large number of scientific 
disciplines, such as materials science, solid mechanics, thermal science, and also 
mechanical engineering design and production engineering. The intention of the 
Symposium was to cover the direct mechanical effects of welding and their 
influence on the in-service behaviour of welded structures. 

The Mechanical Effects of Welding is a very appropriate theme for an IUTAM 
Symposium. Progress in this field requires close interaction between researchers in 
several disciplines. This is reflected in the topics covered. 

The topics of the different sessions were: 

o Calculations of Temperatures, Strains and Stresses 
o Residual Stresses and Residual Deformations 
o Measurements of Residual Strains and Stresses 
o Effects of Defects and Residual Stresses on Fracture and Fatigue 
o Effects of Residual Stresses on Creep Deformation 
o Effects of Residual Deformations and Residual Stresses on Buckling 

There were 50 participants from 12 countries at the Symposium. The 28 papers 
presented at the Symposium are collected in this volume. A Scientific Committee, 
appointed by the Bureau of IUTAM, selected the participants to be invited and the 
papers to be presented. 

The Scientific Committee consisted of the following members: 

Prof L. Karlsson 
Prof U. Dilthey , 
Prof J. Goldak 
Mr J. Hepworth 
Prof J. Hult 
Dr L. Josefson 
Dr M. Kanninen 
Prof J. B. Leblond 
Prof Z. Mroz 
ProfY. Ueda 

Lulea University of Technology, Lulea, SWEDEN (Chairman) 
Welding Institute, Aachen, FRG 
Carleton University, Ottawa, CANADA 
Powergen, Nottingham, UK 
Chalmers University of Technology, Gothenburg, SWEDEN 
Chalmers University of Technology, Gothenburg, SWEDEN 
Southwest Research Institute, San Antonio, USA 
Lab. de Modelisation en Mecanique, Paris, FRANCE 
IPPT PAN, Warsaw, POLAND 
Welding Research Institute Osaka University, Osaka, JAPAN 
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VI 

The success of the Symposium would not have been possible without the excellent 
work of the Local Organizing Committee. Members of the Committee were the staff 
of the Division of Computer Aided Design at Lulea University of Technology: 
C. Hardell, H-A. Haggblad, M. Isaksson, P. Jeppsson, M. Jonsson, L. Karlsson 
(Chairman), L-E. Lindgren, M. Nasstrom, M. Oldenburg, A. Slensson, A. Svoboda, S­
O. Westberg, L. Wikander and A-K. Wikman. Furthermore it included T. Bergqvist 
from the University's conference center, CENTEK. 

Lulea, October 1991 

Lennart Karlsson 
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List of Participants 

Alfredsson Svante, Chalmers University, Division of Solid Mechanics, 412 96 
Goteborg, Sweden 

Bertram, Lee, Sandia National Laboratory, POBox 969, Division 8243, Livermore 
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Brown, Stuart, Massachusetts Institute of Technology, Department of Materials 
Science and Engineering, 77 Massachusetts Avenue, Cambridge, MA 02139, 
USA 
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Sweden 

Dahlberg, Lars, The Swedish Plant Inspectorate, Box 49306, 100 20 Stockholm, 
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Coupling Heat Transfer, Microstructure Evolution 
and Thennal Stress Analysis in Weld Mechanics 

Abstract 

John Goldak, Alan Oddy, Moashi Gu, 
Weidan Ma, Akbar Mashaie, Edward Hughes 

Mechanical & Aerospace Engineering 
Carleton University, Ottawa, Canada, KIS 5B6 

IUTAM Symposium 
Lulea, Sweden, June 10-14, 1991 

The mechanical behavior of welds is sensitive to the close coupling between 
heat transfer, microstructure evolution and thermal stress analysis. Since 
the temperature field computed from a heat transfer analysis can be consid­
ered to drive the mechanics of the welding process, the first step is to solve 
the energy equation usually with FEM. The research issue is decoupling the 
physics of the arc and weld pool from the energy equation. This is done by 
modeling the heating effect of the arc. Although the effects of microstructure 
and stress-strain evolution on heat transfer are not large, the effect of tem­
perature on the microstructure and thermal stress is dominant. In addition, 
the coupling between microstructure and thermal stress can be strong and 
subtle. The microstructure evolution is modeled with algebraic equations for 
thermodynamics and ordinary differential equations for kinetics. The thermal 
stress analysis involves large strains and large rotations. The most popular 
constitutive equation has been elasto-plastic. Phase transformations such as 
the austenite to martensite transformation, can dominate the stress analysis. 
Since realistic Yielding problems tend to be truly three dimensional with 
complex geometry, transient and nonlinear, numerical methods have advan­
tages. However, the computational demands have limited the size of welds 
that can be analyzed. In the past five years considerable progress has been 
made in developing numerical methods to solve this coupled problem with in­
creasing speed and accuracy. Major gains have been made with better 
mesh grading and more efficient solvers. In addition, software engineering 
has played a major role in managing the complexity of software. 

L. Karlsson, L.-E. Lindgren, M. Jonsson (Eds.) 
Mechanical Effects of Welding 
IUTAM Symposium LuleatSweden 1991 
© Springer-Verlag Berlin Heidelberg 1992 
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Introduction 

From industry's viewpoint, the most critical mechanical effects of welding 
are cracking, distortion, and buckling. The influence of welds on crack 
propagation, either in stress corrosion cracking, fatigue or fracture is also a 
concern. To predict and control these effects, it is an advantage to under­
stand and be capable of predicting the macroscopic transient fields of tem­
perature, displacement, strain and stress. In principle, this can be done by 
solving the equations of continuum mechanics. 

In practice however there are many aspects of welding that have made the 
rigorous analysis of welds challenging. At the macroscopic level a weld can 
be considered to be a thermo-mechanical problem of computing transient 
temperature, displacement, stress and strain. At the microscopic level, it can 
be considered to be a metal physics problem of computing the phase trans­
formations including grain growth, dissolution and precipitation. The equa­
tions of continuum mechanics are macroscopic. In the case of welding they 
typically resolve length scales that range from 1 mm to 10 m. At the next 
finer length scale, 0.01 /.Lm to 1 mm, microscopic phenomena deal with 
grains, precipitates, subgrains. This is the realm of the metallurgist. The 
deformation of a material is sensitive to the structure at this level. At a 
length scale of 0.1 nm to 0.01 /.Lm, the phenomena are usually described in 
terms of atoms and their interactions. This is the realm of the metal physi­
cist. Each level of abstraction or spatial resolution has its own set of equa­
tions and utilizes parameters from the level below it. 

METAL PHYSICS MICROSTRUcruRE CONTINUUM 
MECHANICS 

Fig. 1 Length scales in welds range from atomic through microstructure 
to continuum mechanics. 
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Realistic welds may involve tens of passes, each of which contribute to the 
mechanical and metallurgical effects. Interactions between thermal, me­
chanical, metallurgical and, in the molten pool, chemical and fluid processes, 
are complex. The difficulties of obtaining relevant material properties, in 
making experimental measurements to validate predictions and the complex­
ity of the mathematical descriptions have all inhibited progress. 

c':::- .r. 
,,~ ~+. ~~ 

~'!t> / "c, ~ ~ 1'~ 
~c~ ~ / ~'!t> '1<.p~' ~ '1( 

~"3;; / i?:-" 0' qt-
,,~'!t> ~ / ~ Jt,.O~~ , 

/v "t' , 
/ TRANSFORMATION RATES , 

~.--.:.---~ 

- - -~ - C§:CHANI~ 

PHASE TRANSFORMATIONS 

Fig. 2. The dominant couplings in welding are shown with bold lines. 
The secondary couplings are shown with dotted lines. 

The equations of continuum mechanics require the geometry, initial condi­
tions, boundary conditions and constitutive parameters to be specified. If 
these data are known, the equations can be solved by nonlinear transient fi­
nite element analysis (FEA). These equations are most accurately and effi­
ciently solved by organizing or. structuring them; i.e., set those interactions 
that are small to zero. For example, in arc welding the coupling between the 
hydro-magneto-dynamics of the arc, the fluid mechanics of the weld pool, 
heat transfer and thermal stress analysis in the solid can and should be lim­
ited to the terms that are significant. In this case only the temperature field 
and possibly solute transportation, couple the weld pool and solid regions. 
We will consider carefully the couplings that are most effective and seek al­
gorithms to solve these coupled equations. 

Inherent difficulties 

Foremost among the difficulties has been the problem of adequately describ­
ing the essential geometric features of the welded structure while at the 
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same time obtaining sufficient detail around the joint. To describe the heat­
affected zone (HAZ) in any detail requires a resolution of at least fractions of 
a millimeter. Typical welded structures may have dimensions of the order of 
tens of meters. The important geometric details are frequently of the order of 
a meter or so. Typical welds may be meters long. Clearly the length scale 
in each domain of analysis must be coarse enough to make the computations 
feasible. There is also evidence that decreasing the length scale; i.e. finer 
mesh, ultimately leads to convergence problems. 

Fig. 3 For welds with complex paths, quasi-stationary steady states may not 
exist. 

The motion of the heat source is an important facet in the analysis ~f welds. 
Because of it there are regions at the start and end of any weld where the 
transient conditions differ significantly from the quasi-steady state conditions 
in the majority of the weld. For complex joint geometries a quasi-stationary 
steady state may not exist. 
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Not only is the metallurgical response of the structure to the thermal cycle 
complex but there are facets which are still not well understood. With peak 
temperatures approaching the melting point the metallurgical response will 
vary rapidly with time and position. The interaction between temperature, 
stress and microstructure may require the coupled solution of all three 
aspects. Phase transformations, whose kinetics depend on the stress and 
thermal history may directly and indirectly affect the stress and thermal his­
tory. The direct effects are due to the release of latent heats of transforma­
tion, volume changes and transformation plasticity. The indirect effects are 
due to the effect on material properties. In addition, in multipass welds, 
tempering of previously transformed material can reduce the hardness and 
strength while at the same time causing a small volume change. 

The occurrence of cracking is, in itself, a complex phenomenon with no sin­
gle cause or morphology. Cracking may occur because of insufficient ductil­
ity at high temperature, excessive hardness, stress and hydrogen content at 
low temperatures or, during post-weld heat treatment, because of low ductil­
ity and non-uniform yield strengths. 

TIle prediction of fracture will require a thorough understanding of the role of 
local brittle zones [1]. Indeed fracture of welds in general has some unique 
properties which raise fundamental questions. Fast fracture does not always 
remain in the most brittle microstructure. 

Prediction of the fusion zone size and shape has long been a challenge. TIle 
nugget shape is, strongly influenced by the flow pattern inside the molten pool. 
Prediction of such complex flows is a major problem in its own right and a 
solution is not expected soon. 

Validation of predictions of residual stresses by comparison with measured 
values will be an important step in the industrial acceptance of computational 
weld mechanics. Measured values however frequently show significant 
scatter. TI1is is likely to be the fault of the experimental techniques. For in­
stance, even neutron diffraction techniques need to increase their accuracy 
and precision by a factor of 2 to 3 if residual stress measurements are to be 
accurate to 30 MPa [2]. Errors on the diffraction measurements lead to an­
ticipated errors of plus or minus 100 MPa. Progress in computational weld 
mechanics will be difficult without a parallel improvement in experimental 
techniques. 
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Fig. 4 Dynamic tear test of multi-weld specimen. Note fracture does not re­
main between welds or in brittle microstructure. Absorbed energy increases 
dramatically [1]. 

Finally, as numerical analysis techniques increase in power the specialized 
knowledge required to use them has also increased. This has effectively 
meant that few people interested in weld mechanics have taken advantage of 
all the available mathematics. It will be increasingly important to design ef­
fective user i.nterfaces to hide the complexity from the user where possible. 

Brief History of Computational Weld Mechanics 

Historically, 'arc welding began shortly after electrical power became avail­
able in the late 1800s. Serious scientific studies date from at least the 1930s. 
The failure of welded bridges in Europe in the 1930s and the American 
Liberty ships in World War II, did much to stimulate research in welding in 
the 1940s. In the USA, the greatest attention was focused on developing 
fracture mechanics and fracture toughness tests.- This could be interpreted 
as a belief that welding was too complex to analyze and predict and there­
fore they chose an experimental approach that relied heavily on metallurgical 
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and fracture toughness tests. The steady state heat transfer analysis of 
Rosenthal was an exception [3]. 

I ftI0n 
z 

Fig. 5. Structures typical of those analyzed by Okerblom [4]. 

Russia took a different approach. The books of Okerblom [4] and Vinokurov 
[5] are a rich record of the analysis of welded structures including mUlti-pass 
welds and complex structures. We will not pursue this methodology here be­
cause they had to idealize the problem to a greater degree than we are pre­
pared to accept here. The work is admirable and deserves careful study by 
current researchers. 

The current strategy for analyzing welds began in the 1970s with the pi­
oneering work of Hibbitt and Marcal [6], Freidman [7], Masubuchi [8] and 
Andersson [9]. To reduce the geometric complexity to manageable levels, 
they used 2D Lagrangian, plane strain, plane stress, or axisymmetric kine­
matic models. The material was elasto-plastic with temperature dependent 
properties. The heating effect of the arc was usually modeled as a pre­
scribed flux. Thermal stresses were not computed above some cut-off tem­
perature. Alternative strategies for predicting transverse residual stresses in 
large multipass welds have reduced the plate to essentially aID boundary 
condition with the weld passes included as a series of layers [10]. 
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The 20 cross-sectional analyses implicitly ignore more than the regions on 
either end of a weld where the quasi-stationary steady state does not exist. 
They eliminate the longitudinal interaction with subtle consequences. The 20 
plane stress analyses and experimental measurements of Andersson [11] 
may be the only examinations of this effect. They showed that for stresses, 
there were surprisingly large regions on the ends where the stresses differed 
from the values found in the middle. 

In the 1980s, Karlsson [12] analyzed the residual stress in welding large 
plates including the effects of tack welds. Goldak et al [13] introduced the 
distributed power density heat source model to decouple the weld pool from 
the solid. Argyris [14] performed a visco-plastic stress analysis of a weld. 
They first performed an in-plane thermal analysis. Then they coupled this 
with a cross-sectional thermal analysis and a plane strain stress analysis. 
Goldak et al published the first 3D transient coupled temperature and stress 
analysis of a weld [15]. Karlsson et al [16] analyzed the stresses in a girth 
weld of pipe also using a full 30 transient analysis, coupling temperature and 
stress. Using shell elements, Lindgren and Karlsson also analyzed the 
residual stress in the girth weld of a pipe [17]. 

The addition of filler metal has been modeled by Tekriwal and Mazumder 
[18]. Basically, the added metal is included in the original mesh. To add 
metal the elements are turned on. This is accomplished either by bringing 
them to life or by a penalty method that changes the specific heat in a ther­
mal analysis or the Young's modulus in a stress analysis. This is a relatively 
crude model of a multipass weld. Ohji et al add filler metal with a weld pool 
model that includes surface tension, hydrostatic pressure, arc flux and arc 
pressure but no velocity in the weld pool [19]. This is the most com­
prehensive weld model short of solving the Navier-Stokes equations. in the 
weld pool. 

MUlti-pass welds have been analyzed by Ueda [20], Rybicki [21] and Leung 
[22]. To reduce the cost of separate analyses for each pass, several passes 
have often been lumped together in different ways. In some, only the last 
pass in a specific layer is analyzed [20]. In others, it would appe~r that the 
volume of the weld deposit of several passes or layers of passes are lumped 
together and the thermal history of a single pass located in the middle of the 
deposit is imposed during the stress analysis [21]. Another technique, lumps 
the thermal histories from several passes together, the temperature at any 
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point, at any instant in time being the greatest value from any pass. All 
passes in a single layer, except the last, are lumped together. The last pass 
in any layer is treated separately [22]. Lumping layers together is inadvis­
able with the possible exception that the lumped layers remain a small pro­
portion of the total thickness. For extremely large numbers of passes even 
these techniques may not be adequate. 

A 

B 

Fig. 6. Deformed shapes of mUlti-pass, resurfaced, hydroelectric turbine 
blades; Superimposed residual stress patterns. A: longitudinal patch se­
quence. B: transverse patch sequence. The distortion is magnified 100 times. 

A somewhat mere speculative approach was used by the authors to analyze 
the resurfacing of a thin plate (hydroelectric turbine blade) that involved sev­
eral hundred passes. Each pass was 10 cm long, groups of 20 passes were 
done sequentially to cover 10 cm x 10 cm rectangular surface patches. The 
orientation of each patch, and the patch sequence were varied in order to 
minimize the deformation. The residual stress pattern of the multipass case 
was created by superimposing the residual stress pattern of each individual 
weld and taking the largest value from any individual pass. By building up the 
stress pattern for each patch and sequentially applying this pattern to the 
plate it was possible to obtain good qualitative agreement in both the de-
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formed shape and optimum patch sequence. The danger in all these lumping 
techniques comes from the accuracy with which they model the sequencing 
effect. 

Post-weld heat treatment (PWHT) is a technique frequently used to reduce 
the residual stresses caused by welding. Two processes are active. The 
first to occur is a reduction in yield strength during heating. For many steels 
the yield strength decreases rapidly above approximately 400 oC. The sec­
ond is the time dependent creep strain that occurs if the body is held at an 
elevated temperature. Which effect dominates depends on the temperature 
and time. The first effect can be included in any thermal stress analysis that 
includes temperature dependent mechanical properties. The second is more 
complicated since the constitutive model now contains strain rate dependent 
terms. The numerical integration of these strain rates must be done with 
care. There have, nevertheless, been several publications which included 
both processes [20,23]. 

A related problem is reheat cracking. If some regions soften faster than 
others during heating, then the plastic strains may be concentrated in a par­
ticular region. Coupled with the fact that the ductility depends on the thermal 
history and may also not be uniform it becomes apparent that localized ma­
terial failure may occur. To the authors' knowledge, only one group has ever 
attempted to predict this phenomenon [24]. A scalar damage factor was 
used to predict element failure. In the future, more of this type of analysis 
will be seen especially as continuum damage models improve. 

Continuum Mechanics of Welds 

The continuum mechanics as described in general texts such as Malvern 
[25] and Gurtin [26] can and should be applied directly to welds. The 
aspects of continuum mechanics that are peculiar to welds are the richness 
of the interactions between various phenomena, the range of temperatures 
and the range of length scales. 

Meshing: Graded, Adaptive and Dynamic: 

The need to resolve very fine detail near the weld while including large vol­
umes has been a factor in the authors' pursuit of graded and adaptive 
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meshes. The analysis is performed using the standard methods of nonlinear 
transient FEM. Near the weld, a fine mesh is needed for adequate accuracy. 
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Fig. 7 Temperature distribution in a point loaded semi-infinite body, uniform 
and recursively graded meshes [27] 

Far from the weld a coarse mesh provides adequate accuracy and a fine 
mesh would be wasteful. McDill et al [27] showed that for a point load on a 
cube, the use of graded elements would reduce computational complexity of 

direct solvers from O(n 7) for a uniform mesh to 0(10g2 n) for a graded mesh 
with no reduction in accuracy (Fig. 7). Here n is the number of degrees of 
freedom (dofs) along the edge of the cube with the uniform mesh. This 
grading has done much to make 3D analyses of welds feasible - even on low 
cost workstations. 

The accuracy of any FEA is to a great extent determined during the mesh 
generation. Th~ results obtained are, in some respects, the least squares 
projection onto the finite dimensional subspace described by the mesh. 
Better answers with lower computation effort could be obtained if the mesh 
were adaptively altered during the analysis. Adaptive mesh management 
and automatic finite element techniques are a rapidly maturing technology. 
Dynamic meshing was proposed by Goldak et al. [28], and implemented by 
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McDill et al. [29]. Gu et al. [30] implemented mixed meshing with brick 
elements near the weld pool and shell elements far from the weld pool (Fig. 
8). TIle creation of shell elements and shell-brick transition elements was 
done automatically. A posteriori error estimates to drive adaptive meshing 
were developed by Mashaie [31] 

TIme_40MC. 

Isothermal ContOlJfS: 

A: 250 
B: 500 
c: 750 
0: 1000 
E: 1250 
F: 1500 

Fig. 8 Mixed meshing with brick elements near the weld pool and shell ele­
ments at a distance [30]. 

Heat Transfer Analysis 

Ideally, the heating effect of the arc should be modeled by solving the 
Boltzmann equations coupled to the fluid mechanics of the weld pool. This is 
a problem of extreme difficulty from mathematical, numerical, computational 
and experimental viewpoints. The flow patterns inside the molten pool are 
the result of the contending forces of gravity, buoyancy, surface tension, 
electromagnetic force, droplet momentum and surface drag from gas flow. 
These are in turn affected by the arc voltage, current, shielding and chem­
istry. Moreover the coupling between the arc and weld pool is strong. 
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The best known studies of fusion zone size and shape are those of 
Christensen et al. [32]. Dimensionless nugget characteristics such as the 
width 

B'= Bv 
2a 

were related to a dimensionless operating parameter. 
(1) 

(2) 

Since that time there have been other empirical [33] and semi-empirical at­
tempts [34] at predicting fusion zone shape. Others have attempted to pre­
dict the shape of the fusion zone without attempting to predict the fluid flow 
by modifying the thennal analysis [35,36]. 

In recent years there has been considerable progress towards the numerical 
prediction of the flow patterns inside molten pool and thus the fusion zone 
size and shape [37,38]. Practical application of these techniques is hampered 
somewhat by our ignorance of the conditions inside the arc and material 
properties at high temperature, especially the effects of trace elements on the 
surface tension gradient. This is a good example of an increasingly common 
problem; our analytical capabilities sometimes exceed our knowledge of ba­
sic material properties and boundary conditions. 

If the size and shape of the weld are known or can be estimated from experi­
ment, the weld pool can be removed from the domain of the energy equation 
by prescribing the temperature of the solidus line. Alternatively, if the power 
density distribution in the weld pool is known or can be estimated, it can be 
prescribed in th~ energy equation. Either method effectively decouples the 
arc physics and fluid mechanics of the weld pool from the solid mechanics of 
arc welds. In a 3D analysis with a Lagrangian frame of reference, prescrib­
ing the power density may be more advantageous since it pennits large, arbi­
trary length time steps and non-linear weld paths. Prescribed temperature 
sources are prol?ably more effective in Eulerian reference frames or for 
complex weld pool shapes [39]. When models of weld pools and/or arcs are 
able to predict the size and shape of weld pools, this method will enable them 
to be coupled simply and efficiently to the solid mechanics of the arc welds. 
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In solving the heat equation, the thermal conductivity and specific heat are 
temperature dependent. To date the thermal effects of the latent heat of 
phase transformations has been modeled by modifying the specific heat or 
enthalpy as a function of temperature. The transformation rates computed 
by metal physics to evaluate the rate of evolution of latent heats have not yet 
been incorporated in the thermal analysis of welds. Since this is being done 
in castings where the effect of latent heats are dominate [40], this should no 
longer pose serious difficulty. 

Thermal Stress Analysis 

The basic equations are the conservation of linear momentum, angular mo­
mentum, the constitutive equation and the compatibility or continuity equa­
tion. The difficulties arise almost entirely in decomposing the deformation 
into a translation, rotation and stretch on the one hand and then decomposing 
the deformation into contributions due to elasticity, plasticity, thermal expan­
sion, transformation plasticity and creep. 

Metal Physics of Welds in Steels 

At a macroscopic level, the metal physics can be described by specifying the 
fraction of each phase present, the composition of each phase, and the grain 
size of each phase. In low alloy steels, the phases of greatest interest are 
ferrite, pearlite, austenite, bainite, martensite, carbide and liquid. Strictly 
speaking, pearlite is not a phase in a thermodynamic sense but a microstruc­
ture consisting of layers of a ferrite phase and a iron carbide phase. 
However, in the metallurgical literature the term phase is used to describe 
pearlite. 

Most steels used in welded structures are produced with a ferrite - pearlite 
microstructure or a ferrite and austenite-martensite constituent. When these 
steels are heated above the Ael or eutectoid temperature, the pearlite or 

austenite-martensite constituent rapidly forms austenite with the same com­
position. Even though the heating rates are high, superheating only amounts 
to a few tens of degrees, approximately 80 oC is common. So the assump­
tion that the transformation occurs at equilibrium can be justified. However, 
the homogenization of this high carbon austenite is slower. It is a function of 
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the temperature and time. Easterling, Ashby and Li have studied this in de­
tail for laser heat treating surfaces [41]. 

The growth in the grain size of the austenite that forms can be described as a 
function of temperature and time. However, growth will not begin until 
carbo-nitrides such as V and Nb dissolve. Easterling et al. used the equilib­
rium dissolution temperature for V and Nb to begin grain growth of austenite. 
TiN does not dissolve but it does coarsen. Ion et al applied Lipschitz, 
Slyozow and Wagner theory of coarsening to TiN and the Zener theory of 
grain growth with pinned boundaries to estimate grain growth with TiN [42]. 

On cooling, the decomposition of austenite begins at the Ae3 temperature. 
The first phase to form is ferrite. If possible, pearlite, bainite and martensite 
will follow. Several strategies have been tried for the prediction of 
ani so thermal phase transformation kinetics. One such is that described by 
Leblond et al.[43]. The transformation rate is computed from two tempera-

ture dependant material parameters, zeq(T) the equilibrium fraction and -r(T) 

a characteristic time for the transformation. 

i = zeq(T)- Z 

-r(T) 

For constant properties the solution of this is: 
(3) 

(4) 

These parameters may be estimated from CCT diagrams but a distinct CCT 
diagram is needed for each grain size in each alloy. 

Another method, that adopted by the authors, describes the kinetics of 
austenite decomposition by ordinary differential equations (ODE) based on 
the work of Kirkaldy et al. [44]. Austenite grain growth is computed accord-
ing to 

dG 1 -Q 
-=-keRT 
dt 2,G (5) 

Transformation kinetics are computed according to ODEs of the form: 
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df = B(G, T )jm(l- f)p 
dt (6) 

The ODEs contain tenns which reflect the influence of grain size, undercool­
ing, the alloy and temperature dependence of the diffusivity, and the phase 
fractions present. This is essentially the model developed by Watt et al. (45). 
It was used to compute the microstructures in the HAZ of the problems 
analyzed in [44]. 

The hardness of the individual phases can be estimated by empirical equa­
tions of the fonn : 

HM = 127 + 949(C) + 27(Si) + l1(Mn) +8(Ni) + 16(Cr)+ 21(logV) (7) 

and the hardness of the mixture was estimated using rules of mixtures pro­
posed by [46] . 

In both methods the effect of stress on the kinetics of austenite decomposi­
tion has been neglected. Pearlitic transfonnation kinetics can be strongly af­
fected by stress and plastic defonnation [47]. 

In multi-pass welds, each successive pass tempers and softens previous 
passes. It has recently been found that, for some steels at least, the degree of 
softening during tempering can be quite conveniently described by a single 
relation [48] 

(8) 

In the fusion zone, the microstructure is more complex [49]. On solidifica­
tion, the liquid transfonns to either delta-ferrite or austenite. The liquid solid 
interface can be planar, columnar or dendritic. The interstitial atoms such as 
carbon have sufficient time at high temperature for diffusion to homogenize 
their distribution in the solid but the substitutional atoms do not. The distribu­
tion of substitutional atoms in the solid is usually not unifonn in the fusion 
zone. This non-unifonn distribution makes the behavior of the fusion zone 
more complex than that of the HAZ. In addition the strong texture evident in 
the fusion zone [50] may mean that the common assumption of isotropic 
thennal and mechanical properties is not valid. 
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Transformation Plasticity 

Transfonnation plasticity is a phenomenon in which a stressed body undergo­
ing a phase transfonnation can exhibit pennanent defonnations which are 
finite in amount, independent of time, and proportional to the stress, even for 
stresses much lower than the yield strength. 

It has long been known that an additional finite plastic strain occurred when 
a phase transfonnation occurred under an applied stress. Greenwood and 
Johnson [51], and others, showed that the additional, finite, defonnation could 
not be accounted for by creep in either phase. Since the stress was constant 
and well below the yield strength of all phases present in their experiment, it 
could not be a classical plastic strain. They argued their experimental results 
showed, and offered a theory that, the extra plastic strain was caused by the 
combination of a phase transfonnation and an applied stress. Leblond 
presented an elegant theory that invoked a microscopic stress field with 
spatial frequency tenns less than the grain size and a macroscopic stress 
field with much lower spatial frequency tenns [52]. Simply put, the volume 
change caused by a phase transfonnation of microscopic volumes can induce 
local plastic defonnation. The interaction between stresses created in these 
microscopic volumes by the transfonnation and any macroscopic stress field 
leads to an irreversible plastic strain. In general transfonnation plasticity can 
be described by relations of the fonn: 

'TrP vS' ejj = 1\., jjZ (9) 
K depends on the fraction transfonned, yield strength and transfonnation vol­
ume change. 

Empirical relations describing transfonnation plasticity have been used exten­
sively as have numerous very crude and unrealistic treatments which artifi­
cially lower the yield strength during phase transfonnations. The first de­
tailed analytical model of transfonnation plasticity, which specifies the contri­
bution of the rate of a phase transfonnation to the total strain rate, was for­
mulated elegantly by Leblond [53,54]. By assuming the Hill-Mandel homog­
enization theorem, Leblond derived fonnulae for the transfonnation plastic 
strain rate that are consistent with fundamental theory of continuum mechan­
ics and agree well with experiment. 
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The effect of transformation plasticity in welds was analyzed by Dubois et al. 
[55]. Oddy et al. performed the first 3D thermal stress analysis of a weld 
including the transformation plasticity that couples the phase transformations 
to the thermal stress analysis [56]. By analyzing a problem similar to that of 
Hibbitt and Marcal, they provided a qualitative explanation for the anomalies 
seen in the experimental stress measurements. 

To include phase transformations in the analysis of a weld, there are two 
problems. The macroscopic response of multi-phase material to micro­
stresses is different from homogeneous material. Leblond [52] has shown 
that such material does not exhibit a distinct yield point even when the 
transformation rate is zero. This is quite separate from transformation 
plasticity. When the transformation rate is not zero the additional 
transformation plasticity strain rate is: 

(10) 

This strain rate must be integrated to provide an increment in the 
strain 

'+'t 
l1eT.'P = f tT.'P dt 

II '/ II (11) 

The strain increment is frequently approximated as 

(12) 
where 

The integration of the transformation plastic strain rate in this manner can 
lead to instability unless steps, such as subcycling, are taken. 

The first analyses assumed the displacements, rotations and strains were in­
finitesimal. The first large displacement, large rotation, small strain, 3D 
stress analysis of a weld may have been performed by Oddy in 1988 [57]. 

Beyond the purely technical aspects of describing the mechanics in mathe­
matical terms there is the important but often neglected task of implementing 
the numerical techniques efficiently. This is the domain of software engi­
neering. 
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In the past, solution of the large matrices has relied on the use of direct 
solvers. As the number of degrees of freedom (doO increase, direct solvers 
are no longer the most efficient. For even what are now fairly modest sized 
problems, indirect solvers can provide an order of magnitude improvement in 
the solution time. As problem sizes increase into the range of 105 dof for 
thermal analyses and 104 dof for stress problems the advantage of indirect 
solvers becomes even more pronounced. The authors currently use an ele­
ment-by-element, preconditioned conjugate gradient solver. Thermal analy­
ses with 105 dof are now routinely solved on low-cost workstations in a few 
hours. 

The other major task for software engineering has been in the design of an 
effective, flexible user interface. In the past, creation of a FEM mesh for a 
complex problem often required a week of effort by someone proficient in the 
use of a mesh generator. This and the additional specialized knowledge re­
quired to do the thermal and stress analysis of welds effectively has ensured 
that few practising engineers have made use of the technology. 

Mathematics of Weld Mechanics 

We begin by defining the structure to be welded as a domain in Euclidean 
space. Imposing conservation of energy and momentum on that domain 
pointwise leads to partial differential equations and associated constitutive 
equations, boundary conditions and initial conditions. Formulating the con­
servation laws as integral equations over appropriate Sobolev spaces relaxes 
the restrictions on the partial derivatives. Finally, formulating the integral 
equations in finite or discrete subspaces leads to the usual finite element 
formulation, which can be interpreted as projecting the exact solution in the 
infinite Sobolev'spaces onto the finite subspaces. The error in the finite ele­
ment solution is that part of the exact solution that is orthogonal to the finite 
subspace. To fix definitions and notations, we briefly state these equations. 
Detailed proofs and derivations can be found in many books. 

Given an open domain in euclidean space, n E 9t3, with a boundary that is its 
closure, n u an = n. The boundary is partitioned into sets to which the 
essential and natural boundary conditions are applied such that 
aneuann=an and anef"'lann=0. Essential boundary conditions 
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(temperature or displacement) are applied to aOe 

conditions (flux or traction) are applied to ann. 
sumed to be sufficiently smooth, e.g. Lipschitzian. 

and natural boundary 
The boundary is as-

Partial Differential Equations of Weld Mechanics 

Conservation of energy is described by 

(13) 

j=-kVT (14) 

the constitutive equation defines the thermal conductivity tensor k. It 
is symmetric positive definite. 

(15) 

constitutive equation defines the specific heat and latent heat of the ith 

transformation. cp and Li are strictly positive. 

q(H,t)=Jen; He aOn (16) 

The internal flux, a vector, is the linear operator that maps the outward 
normal onto the external flux, a scalar. 

T(H,t) = J en; Heane (17) 

This is the essential essential boundary condition. 

Conservation of linear momentum is described by 
•• • 

Ve(j+b=mx+cx C1en=~ (18) 

Inertia and damping terms are usually neglected in welding, enabling 
time varying load, rather than full dynamic analyses to be performed. 

C1=De (19) 
the constitutive equation defines the tensor 0 that maps strain onto 

stress. 
e=Bu (20) 

is the continuity or compatibility equation. 
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Weak Formulation for Weld Mechanics 

We begin by defming the Sobolev spaces of kinematically admissible inhomo­
geneous and homogeneous displacements. 

N={U Iu e[H1(n)ful on.=ii} 

No ={u lue[H1(n)ful on.=O} 

(21) 

(22) 

The spaces of kinematically admissible inhomogeneous and homogeneous 
displacements are 

L={ul ueL2(n), 

Lo = {u 1 ue L2(n), 

U=D[Bu],ueN} 

U= D[Bu], u e No} 
(23) 

(24) 

The displacement finite element method leads to the following equation. 

(25) 

For the finite space uh e Nh eN, eq. 25 becomes 

(26) 

Equation 26 has a unique solution. Furthermore this solution satisfies 
eq. 19 and 20 pointwise but only satisfies eq. 18 in the weak sense. 
Specifically, the nodal forces are in equilibrium at each node. 

The spaces of inhomogeneous and homogeneous statically admissible 
stresses are 

X={ul ueH(div,n),div u+ /=Oinn, uen= -ron ann} (27) 

Xo = {ul ue H(div,n),div u+ /=0 in n, Uen= Oon ann} (28) 

The statically admissible stress field field satisfies eq. 18 and its natural 
boundary condition, pointwise. 
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A similar formulation can be presented for the energy equation. This formu­
lation for FEM is well established for linear elasticity with small displace­
ments, rotations and strains. For large displacements, rotations and plasticity, 
visco-plasticity and/or creep. rapid progress has been made in the past 
decade. 

Kinematics, Deformation and Strain 

The analysis of large displacements. rotations and strains requires a more 
rigorous mathematical description than that traditionally used in most analy­
ses. Finite deformation algorithms require specific choices to be made of the 
discretization model. the deformation description and the stress rate. For our 
analyses we have chosen an Updated Lagrangian discretization model as 
most appropriate for incremental problems of this nature. The choice of 
deformation description and stress rate are not completely arbitrary. Two 
requirements must be met. First the stress and strain measures used must 
be conjugate. Second the stress rate must be objective or frame invariant. 

Rotation tensors are obtained at the midpoint and end of the step from the 
polar decomposition of the deformation gradients. 

(29) 

(30) 

Because of the unacceptable limitations of the Jaumann stress rate [58.59] 
the authors have chosen to use the centred strain and Green-Naghdi stress 
rate as the deformation description and stress rates respectively. 

(31) 

Since this is' in the midpoint orientation it must be rotated to the initial orien­
tation. 

(32) 
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The constitutive relations are evaluated in the initial orientation and the re­
sulting value of the final stress in the initial orientation is then rotated onto the 
fmal orientation. 

(33) 

Constitutive Equations 

In a time step, each point in the domain and its associated neighborhood un­
dergoes a deformation that can be decomposed into a rigid body translation, 
and the product of a rotation and a stretch. The stretch can be further 
decomposed into volumetric and deviatoric components. The volumetric de­
formation can be decomposed into elastic, thermal and phase transformation 
contributions. The deviatoric part can be decomposed into elastic, plastic, 
creep, visco-plastic and transformation plasticity contributions. What is the 
best way to decompose the deformation? This· is a critical question and a 
great deal of progress has been made in the past decade. Traditional treat­
ments use an additive decomposition of the strain rates. The constitutive 
model for temperature dependent properties becomes 

(34) 

(35) 

(36) 

where 
n+lD nD 

D' = n+l!2D + -
2 (37) 

More recent derivations of elasto-plastic problems have begun to use a multi­
plicative decomposition of the deformation gradient tensor [60]. 

Some care must be taken when choosing the order of the various strain 
fields. It has be~n known for some time that the order of the thermal strain 
fields and mechanical fields must be matched [9, 61]. The thermal strain 
comes from the temperature field whereas the mechanical strains are the 
spatial derivative of the displacements. It is necessary to ensure that the 
temperature field used to compute the thermal strains is one order lower than 
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that of the displacements. In some cases this is achieved through the use of 
higher order elements in the stress analysis than in the thermal analysis [9, 
61]. In other cases, the use of linear grading elements in the stress analysis 
has required that, so far as the stress analysis is concerned, only isothermal 
elements are present. If this requirement is not observed then serious errors 
occur in the stresses predicted in the fusion zone (FZ) and heat-affected­
zone (HAZ) [62]. It is often difficult to determine whether or not this restric­
tion has been observed. 

What class of tensor fields can be valid constitutive equations? This is one of 
the most difficult mathematical issues in mechanics. To our knowledge, all 
weld mechanics analyses performed to date have been hypo-elastic. They 
have used either elasto-plastic or visco-elasto-plastic constitutive equations. 
The elasticity tensor for isotropic solids is a function of the Young's modulus 
and Poisson's ratio. The yield strength is defined from the effective stress­
effective strain relationship obtained from uniaxial tension tests. A von Mises 
yield function and associated flow rule are used. Both isotropic and kine­
matic hardening have been used. The coefficients involved are often func­
tions of temperature and effective plastic strain. 

a 
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" . 
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600. 
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Fig. 9 Residual stress fields computed with consistent (open squares) and in­
consistent strain fields (closed squares). Solid lines represent maximum and 
minimum ranges of measured residual stresses [62J. 

The inclusion of creep, like transformation plasticity, requires that a stress 
dependent strain rate be integrated over each increment. This n?nlinear, 
transient response, if not integrated accurately, leads to predictions which 
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can be seriously in error both locally and globally. Integration in a multidi­
mensional strain space is a challenging task. The effective stress function 
(ESF) algorithm of Kojic and Bathe [63] appears to be stable, accurate and 
effective method of analyzing elasto-plastic-creep problems. The ESF algo­
rithm reduces the constitutive relations to the iterative solution of single non­
linear equation equation with one variable. For isotropic plasticity the relation 
is: 

(38) 

where 
IMI(j is the effective stress 

't"y is a scalar creep factor 
a is a function of the elastic, plastic and creep properties 
b is a function of the strain increment and the initial deviatoric 

stress 
C is a function of the time step size and initial effective stress 
d is a function of the strain increment 

The effective stress function method may also be used in the evaluation of 
elasto-plastic-creep tangent constitutive matrices. 

Alternative constitutive models do exist. Bammann [64] advocates a mi­
crostructurally motivated model for the plastic spin. This model has been 
coupled with an improved continuum damage model [65]. The resulting pre­
dictions of ductile failure showed very good agreement with experiment. In 
the future, improved constitutive and continuum damage models like these 
will allow better predictions of weld cracking. 

Algorithm for Thermal Stress Analysis 

Briefly, a FEM step computes a trial displacement. The thermal expansion 
from the temperature field is usually the main load term. Given this dis­
placement field, the constitutive equation is used to determine the stress at 
each Gauss point. From this stress and the external loads, a contribution to 
the residual is computed at each Gauss point. Using this residual a new dis­
placement field is computed. This iterative procedure is repeated until con­
vergence is attained. 
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Conclusion 

It is now possible to compute the transient temperature field in welds with an 
accuracy that is limited primarily by our knowledge of the input data. The 
input data include geometry, thermal properties, initial temperature distribu­
tion and boundary conditions including the heating effect of the arc. Such 
computations can now be performed on low cost workstations in a few 
hours. 

The stress in welds can be computed with accuracy comparable to experi­
mental measurements of residual stress. Computing stress in welds is 
roughly ten times more expensive than computing temperatures. Our knowl­
edge of the stress - strain relationship at high temperatures and the mi­
crostructure evolution, are thought to limit the accuracy of the computed 
stress. 

The microstructure evolution in the HAZ of low alloy steels can be computed 
by integrating ordinary differential equations obtained from modern metal 
physics. While the first results of such computations are promising, more 
comparisons of computed microstructures with experiment are needed to 
assess the accuracy of such computations. 

It is expected that creep analyses will become common in the near future. 
New constitutive models will allow better prediction of multiaxial plasticity. 
In the longer term, the analyses will focus on fracture and the interaction 
between the. atomic, microstructure and macro-models. Continuum damage 
models will become more commonly used. The interactions between mi­
crostructure, stress, strain and mass diffusion will provide a particularly rich 
world for research in theoretical and applied mechanics. Another major 
challenge will be the increased experimental efforts needed to measure more 
accurately the material properties and those parameters needed to validate 
the results. 
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Summary 

Although the constitutive behavior of metals is well characterized for homologous 
temperatures below one-half the melting temperature, very little data exist for very high 
homologous temperatures and semi-solid or mushy state constitutive behavior. The de­
formation processes at high homologous temperatures consist of some combination of 
dislocation glide and recovery-controlled creep, but it is not clear whether one particu­
lar process dominates and therefore which constitutive model is most appropriate. This 
investigation presents constitutive behavior for both very high homologous temperature 
deformation and semi-solid deformation processes. The experiments assume an internal 
variable formulation where the flow equation is coupled with the evolution of microstruc­
ture via a set of coupled, first order differential equations. The semi-solid model incorpo­
rates a single internal variable to capture the effect of solid particle agglomeration. The 
high homologous temperature behavior includes both steady state and transient data. 
Data is presented for both lead and lead/tin systems, i1Iustrating the proper experiments 
to determine the material functions in the models. 

Introduction 

The simulation of nonlinear, boundary-valued problems through finite element, finite 
difference, and other computational schemes has revealed significant shortcomings in the 
constitutive models used to represent mechanical behavior. This is particularly true in 
the case of molten, semi-solid, and high homologous temperature behavior. Increased 
computer speed and improved algorithms have reduced the computational difficulties of 
simulating highly nonlinear problems involving many degrees-of-freedom. Now that these 
difficulties have become less restrictive, the absence of appropriate constitutive data and 
models has become a subsequent barrier to accurate simulation. 

More sophisticated constitutive models, however, pose additional difficulties. Internal 
variable models of the form, 

(.1) 

l$n$m (2) 
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viscoplastic strain, 
flow function, 
state of stress, 
temperature, 
m internal variables, and 
evolution equation for internal variable n 

require very specific experiments to characterize unambiguously the material functions 
(or equations) iii( ... ) and 9n(' . . ). 

The following sections describe both experiments and models based on investigations 
of both high homologous temperature and semi-solid constitutive behaviors. The next 
section describes experiments on high purity lead at temperatures exceeding 0.85 Tm 
and suggests appropriate constitutive models. The following section presents a constitu­
tive model for semi-solid behavior assuming a single internal variable that represents the 
agglomeration between solid particles. 

High Homologous Temperature Behavior 

Microstructural inhomogeneities and elevated temperature test conditions frequently 
complicate the experimental evaluation of high homologous temperature constitutive be­
havior. To avoid difficulties with grain boundary melting and high test temperatures, we 
selected very high purity lead (99.9999%). Compression specimens were machined with 
a height-to-diameter ratio of 1 to 1. Concentric, shallow end grooves were added to the 
specimens to hold lubricant. The lubrication was sufficient to give virtually homogeneous 
deformations for strains exceeding 50 percent true strain. Further details of this work are 
provided in Brown, Kumar, and Dave [I]. 

Steady State Response 

Figure 1 presents representative constant true strain rate data for the lead at a ho­
mologous temperature of 0.95 T m. The peak in stress is representative of dynamic re­
crystallization. Figure 2 presents the steady state strain rate dependence on stress for 
three elevated temperatures. We assume that steady state conditions are reached at a 
true strain of approximately 0.6. The power law exponent assuming a simple constitutive 
law of the form 

(3) 

is approximately n == 4. This result was surprising since values of n in this range are 
normally associated with climb-controlled creep. Dynamic recrystallization is very active 
at these tempemtures, however, so we expected the addition of this microstructural pro­
cess to change the stress/strain rate dependence. One implication of this result is that 
at lower strain rates where the peak in stress is less pronounced, a simple power law may 
represent the constitutive response relatively well. 
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Rate-Dependence at Constant Structure 

Strain rate change experiments on the high purity lead indicate a larger dependence 
of strain rate on stress. Figure 3 presents a set of strain rate change experiments at a 
homologous temperature of 0.95 Tm. The stress responses to different new strain rates 
were compared at identical plastic strain offsets from the point of the strain rate change. 
Figure 4 presents variation in the constant structure power law exponent determined from 
the strain rate change data as a function of plastic strain offset. Note that the power law 
rate dependence decreases from a value of n = 9 towards the value of n = 4 associated 
with steady state behavior. A power law dependence of n = 5 is reached after a strain 
rate increment of 0.02, indicating that a power law with a stress exponent in the range of 
4 to 5 may be applicable from very small strains up to steady state behavior. 

Semi-Solid Behavior 

The constitutive behavior of metal semi-solid systems is very complex. These ma­
terials frequently exhibit a thixotropic or shear-thinning behavior, where the effective 
rate-dependence or apparent viscosity decreases as deformation occurs. This behavior is 
generally assumed to result from the breaking up of particle agglomerates or networks by 
the continued shear deformation. There is therefore a strong dependence on structure, to 
the extent that the constitutive response of the semi-solid system may be pseudoplastic 
in a particular strain and strain rate regime and dilatent in another regime. 

A particular model for this behavior was presented by Brown [2] for a semi-solid 
slurry. The model, based on a procedure. proposed by Frankel and Acrivos [4] proposes 
an apparent viscosity, p,., with the functional dependence 

where 

c = effective volume fraction solid, 
Cm"., = maximum volume fraction solid, 
A = scaling factor based on assumed 

spatial particle arrangment, 
f. = volume fraction solid, 
s = internal variable for agglomeration, 
n = rate dependence of solid particle phase, 
D = temperature-dependent scaling factor, and 
l' = scalar, measure of rate-of-deformation tensor. 

(4) 

The evolution of structure in a thixotropic semi-solid slurry behaves in a static hardening, 
flow softening manner. We therefore assume that the evolution equation for the internal 
variable is of the form: 

ds. • 
dt =H(l-s)+sB-ym. (5) 



www.manaraa.com

34 

where 

i1 
i3 
m 

= static hardening function, 
= dynamic softening function, and 
= power law exponent. 

We were unable to find a complete set of rheological measurements on a slurry system 
permitting rigorously deterministic evaluation of the constitutive model. In particular, 
there is a noticeable absence of strain-rate-jump or stress-jump experiments that would 
permit decoupling of the flow behavior from the evolution of agglomerate structure. Al­
though incomplete, data obtained by Joly [3] on a semi-solid, tin-15% lead alloy provided 
sufficient information to evaluate the constants associated with the constitutive model 
described above under limited conditions of temperature and volume fraction solid. 

Only one set of steady state shear rate versus apparent viscosity data was available in 
the lead tin data. These data are plotted in Figure 5 where the fit of the above constitutive 
model assuming steady state conditions is included. Nonlinear, least squares minimization 
subroutines provided by the NAG Library were used to fit the highly nonlinear constitutive 
model to the test data. Three material parameters, (D, H, B), were determined for the 
material state indicated in the figure, where the true volume fraction solid was Is = 0.45. 

Figure 6 illustrates the dependence of apparent viscosity (J-l*) on the true volume 
fraction solid (Is) as measured by Joly for a lead/tin slurry. Notice the rapid increase in 
viscosity as the volume fraction solid increases, and the strong strain-rate dependence of 
this increase. Data are included for two steady state strain rates. 

Figure 7 illustrates the behavior of the constitutive model for same conditions, using 
the values of the model parameters determined for the case of Is = 0.45. The values of 
A and cma'" in the flow equation were selected to be those used by Frankel and Acrivos. 
We expect the coefficients of the constitutive model to be temperature dependent. How­
ever, there is insufficient data to characterize the temperature dependence of the material 
functions, particularly that representing agglomeration, H. Nevertheless, the constitutive 
model represent,s the steady state behavior of the slurry remarkably well, particularly 
since the material constants were determined for one set of steady state data at one value 
of volume fraction solid. 
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rate change data as a function of plastic strain offset. 
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Transfonnation Plasticity (TRIP) Under a Triaxial Stress State 

F.D.FISCHER 

Christian Doppler Laboratory for Micromechanics of Materials 
Institute of Mechanics 
University for Mining and Metallurgy, Leoben, Austria 

Summary 

After a short explanation of phase transformations during a welding process a 
micromechanical model for 1RIP is presented. Based on this "natural" concept 
the 1RIP strain tensor -due to a diffusional as well as a displacive 
transformation of an uniaxially loaded specimen- is derived. The theory is 
then extended to a triaxial load stress state. The micromechanical approach is 
also used to develop a kinetic equation for the martensite transformation. 

Metallurgical Aspects 
Right in front of the welding seam, the fusion zone (FZ) which transfered to 

the liquid state and the heat affected zone (HAZ) which was nearly totally 
austenitized during the heating phase of welding can be distinguished, see Fig. 
1 taken from Cerjak (1]. During cooling the austenite in the HAZ 
decomposed by solid-solid transformation to ferrite, perlite, bainite, or 

martensite depending on the cooling rates. The time-temperature-history (T-T­
H) may show different peak temperatures and cooling rates for various 
distances from the FZ. This is the main reason for an often complete change 
of the metallurgical structure of the base material in the HAZ. The situation 
is more complicated in a multipass welding since each new pass produces a 
certain temp'ering of the HAZ. Goldak and cOauthors demonstrate in 12], 13] 
a proper calculation of the T-T-H taking into account temperature-dependent 
material data and latent heats of fusion and transformation. This is done by 
keeping track of the kinetics based on metal physics research of the last 15 
years. A specific, differing method is to use the C-C-T (continuous cooling 
transformatio'n) diagrams for weldable materials, e.g. as published by Seyffarth 
14]. They were generated by extensive experimental procedures reflecting the 
"real" material behavior for a given T-T-H. Since the T-T-H can very often 
not be measured in practice, a computer calculation is imperative for applying 
a C-C-T diagram. 

L. Karlsson, L.·E. Lindgren, M. Jonsson (Eds.) 
Mechanical EtTects of Welding 
IUTAM Symposium LuleAlSweden 1991 
© Springer-Verlag Berlin Heidelberg 1992 
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In addition to the nonhomogenous distribution of temperature T and material 

properties of the individual phases, a micro-stress state, developed by the 

volume (and shape) change of the transforming microregions, is responsible 

for a residual macro-stress state. The "superposition" of this micro-stress state, 

varying even within a single grain, with a local external (e.g. load) stress state 

may result in a significant macroscopic deformation named TRIP. Its influence 

on residual stresses during quenching was "detected" by Franitza, [5], in 1972. 

Rammerstorfer et al gave in [6] a simplified consideration by an "artificially" 

decreased yield stress. This topic was extensively treated by Mitter in his book 

[7]. Goldak arvi coauthors included a TRIP term in the local strain tensor for 

welding simulations [8], [9], [10], thus showing again its important influence 

on the residual stress distribution. Van Gulick recently discussed aspects of the 

TRIP implementation in a standard finite element code, see [11]. 

Modelling of TRIP 

In this chapter, emphasis is laid on the modelling of TRIP by distinguishing 

between a diffusive transformation (e.g. austenite-perlite- transformation) and a 

displacive transformation (e.g. the austenite- martensite- transformation). In the 
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mechanical-oriented welding literature TRIP is applied only for a diffusive­

type transformation, see e.g. Goldak and coauthors, (8), (9), [10). 

Diffusional Transformation ------- --
Treatment of this topic goes back to the famous paper by Greenwood 

and Johnson, [12]. It was reformulated by Leblond et al [13) and extended by 

Mitter (7) to the full transformation fraction ~, OS ~ s 1. The product phase is 

assumed to grow as spherical nodules in an infinite parent phase matrix with 

a volume change 6, see Fig.2, leading to a plastification of the neighbouring 

parent phase shell. 

mielO'legion 

Fig. 2. Micromechanical model for diffusional transformation 

Fischer made a rigorous analysis in [14) using the following steps: 

• The nodules are arranged in a certain pattern (distance 2R of two spheres, 

for ~ = ()( the spheres just "touch" each other, Rg is the radius of an 

equivalent sphere representing the gap for ~ ~()(). A small part of the shell 

is defined as a microregion that may freely deform due to t~e transformation 

tensor ~' described in a local coordinate system. The rate ~' follows as 
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. , 6 . 1 IX:(3=IX, p = rlit 
~ c= 3(3 ~ -3 

p 
(1) 

1:(3=1, P =r(1-cx)1/3/Rg 

• Following a Taylor-Lin assumption, the same global strain tensor s is 

introduced into each microregion of a homogenously loaded specimen. 

* Neglecting· the elastic deformations and following standard plasticity, the 

interaction between a microregion and the neighbouring material is 

described by 

~ - ~ . ~. ~T = A~, lb:lb= 2/3 ui, (2) 

lb stress deviator, ~ orthogonal transformation tensor from the local (x') to 

the global (x) coordinate system, Uy yield strength. A component Sij follows 

now as 

Sij e ij - Rik i;C;kl Rjl 
--- = ------~~----~------------~-
uy [3/2(r..: r.. - 2R.t .RT: r.. + t : t )]1/2 - - - -c - - -c-c 

(3) 

• An uniaxial load stress uL in the global z-direction is applied to the 

specimen. Global equilibrium enforces 

UL = (l-~) <uz>O + ~ (uz>N , O$~$IX (4) 

with <> being the average symbol. The indices, 0, N respectively, refer to 

the parent and product phases. With (ux) = <CIy> = 0, the consequence 

for the deviator Sij ~ Sz is 

uL = 3/2(1-~) <sz>O + 3/2~<sz>N. (5) 

The average <) is calculated due to the Eulerian angles ~ ° $ rp, "'$ 2n, ° $ ". $ n with a weighting function g as 

< f) = f gf sin". d~ / f gsin ". d~. (6) 
w w 

g = 1 since a uniform distribution can be assumed. s has now the 

components 

exx = eyy = -e/2 and ezz = e, eij = 0 for i '* j. (7) 

The component f'c,zz of ~ . tc'. ~T follows as 

f'c,zz = 6/3(3 ~ 1/f:i3 (1 - 3cos2e), (3, psee (1). (8) 

By considering ~ $ IX and taking for 3/2<sz>N = CIL (-since the product 

phase is assumed to behave elastically-) eqn.(5) reduces to CIL = 3/2<sz>0. 

Insertion of (3) with CIye leads to a very complicated nonlinear differential 

equation for e == i:(~, n Only in the case of aL/CIye $ -0.5 can an exact 

solution be written down for the irreversible TRIP strain eTRIP 
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106 O"L S 
£TRIP = - - [(1 + <<)In(l +- H], 0 :s; S 

6 O"yo « 
A similar procedure leads to 

:s; «. (9a) 

(9b) 

and for s = 1 with an average « = 0,632 to 
5 O"L f1yo 

£TRIP = -6 6 - (1.0 + 0.439 -) . 
O"Yo O"YN 

(9c) 

This agrees with the famous "Greenwood and Johnson relation", [12]. for 

O"yo ~ O"yN! 

* A consistent extension of the algorithm to a triaxial load stress state is 

possible and under preparation. Arguments such as "reducing" (9c) to an 

"indical" equation as given by Goldak et al. 18) are a purely heuristic 

approach. 

A. ..... Austenite z' 
M ..... Martensite 

1 

LT= 0 0 0 [
0 0 r12] 

r/2 0 {) 

Fig. 3. Micromechanical model for displacive transformation 

Displaci~ transformation 

The martensitic tr~sformation is an "instantanous" process, driven by a certajn 

surplus flGc of the chemical free energy, caused by rapid cooling below the 

martensitic start temperature Ms. 
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• A microregion, a part of a grain, transforms in a very short time interval 
[to, t~], t~ - to S 10-6 sec, into e.g. a martensite lath, see Fig.3. 
Crystallographic theory, see e.g. [15], reports a "free" transformation tensor 
rate as 

t~- h [ ;/2 ~ 7/2] h = h(t), 
~ h(tO) = 0, h(t~) = 1, (10) 

h(t) being a time function defined in (to s t s t~J. 6 depends significantly 
on the Ni and C-content and varies from 0.006 (1.78%C) to 0.04 (30% 
Ni). The shear component 7 is ca. 0.20. 

• The next two steps are equivalent to those leading to eqo.(2) and eqn.(3). 
For steels, both the invariant shear (7) and the interaction of the 
microregion are performed by slip (plastification). Instead of Uyo an 
"average" yield strength Uy· must be applied since the microregion 

transforms from austenite (Uyo) to martensite (uYN). 

• The averaging process needs a proper weighting function g = g(~, ~. 
Specifically for ~ <c 1 those martensitic variants are selected which may cause 
an extreme length change ("Magee"- effect). From 

fc,zz = h/2 [7 sin 28 sin 1> + 6(1 + cos 28)] (11) 

a maximum length change of 1/2(6 + vrz+oz-) (- 12%!) can be 

calculated if only one variant (;j (1) = n/2, 8 = 1/2 atao (7/6), '" free) 
exists, g = D~~, D.. Dirac-function. 
Progressive transformation introduces an abundance of different variants 
which are interactive but which may also show some "self'-accomodation of 
the transformation shear. The influence of ~ in g (~, ~ is decreasing. For a 
detailed discussion, see Gautier et al [16]. 
If a rapid cooling to the martensitic finish temperature Mf takes place, 

~ = 1, then UL = 3/2 <Sz> follows. A nonlinear differential equation for 
e = e(h,g) can be derived by insertion of (3) with Uy· for Sz which 
reduces to an algebraic equation if the same variation with time, h(t), is 
supposed fo; t; and ~. In the case of uL/Uy· s -0,5 a Taylor-series 
expansion leads for a uniform distribution of the variants, g = 1, to 
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5 1 3 
tTRIP = K*uLo K* = - - (62 + :/2)1/2 

6 uy* 4 
(12) 

representing an "extended" "Greenwood and Johnson" relation. 

* This consistent concept was then applied to a triaxial load stress state with 

crx=crl. cry= cr2. crz= cr3 and £xx=£h £xy=£2. £zz=£3. £1 +£2+£3=6. A 
detailed study worked out for g = 1 (but allowing also other types of g). 

see (17). showed that for even large TRIP strains £}. £2. £3 (S 0.08!) a 
superposition rule can be applied. surprisingly leading to 

3 
~TRIP = "2 K* ~. (13) 

Of course. K* can not be calculated by (12) for a general distribution g 
and should be taken from the "classical" TRIP experiment. But it is 
obviously not appropriate to take the "classical" "Greenwod and Johnson" 

relation including only 6 as proposed in (8). 

An expansion of (13) to ~ < 1 by multiplying (13) with f(~). OS~s 1. raises 
the problem of finding f(~). Although some proposals exist, see for a 
discussion Denis et al (18) and Fischer (14). the problem is unsolved. 
Increased efforts simulating the transformation process, e.g. by applying finite 

elements (large deformations. elasto-plasticity) will be necessary. 

Transformation Kinetics 
The diffusional transformation is an Avrami-type process well described by 
Johnson and Mehl more than 50 years ago. see Goldak and coauthors (2). For 
transformation kinetics of martensite an integrated Avrami-type relation is 
used going back to Koistinen and Marburger. see e.g. Inoue et al. (19). 
The authors of (19) also included the influence of the actual stress state C! 
(using the invariants J}. J2) in the kinetic equations by using a heuristic 
approach. Patel and Cohen (20). however. had shown how a stress state affects 

the martensite start temperature Ms (J 1 < 0 decreases Ms!) by a 
thermodynamical consideration. Tanaka and Fischer prove now in (21) that a 
local transformation condition does not only depend on the load stress tensor 

C! L but also on the local interaction eigenstress tensor C! eq as well as on 
the stresses C! n developing during the transformation of the microregion 

under consideration (here ~q + ~ is approximated by equ. (3) with Uy*). 
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The energy balance before and after the complete transformation of a 

microregion thus takes the form with ~G S GO, a threshold energy, 

t:.Gc - (~ + ~q + Ie <1n) : (~ . ~' . ~T) = t:.G, OSIeS 1. (14) 

Assuming an incremental relation between s and the volume average of boG, 

ds = -kV (1 - s) <d~G>, (15) 

k, V being material constants, an average of (14) over a mesodomain 

consisting of an assembly of grains (~, T, s homogenous) results in 

1 a<1n at:.Gc 
(l-s + kVp6 - <Ie ~:~»ds = -kV( aT )dT + kV<~>:d~. (16) 

This is a kinetic equation including only physical terms derived from a 

consistent micromechanical approach. 'Ieq is here approximated by -psI: 

(I: unity tensor). (16) can also be applied to a triaxial load stress state and 

includes the average of the transformation tensor ~ c = ~. ~'c. ~T. 
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Research on Welding Stresses During Phase TransfOlmation 

Jianhua Wang, Chu Chen, Fengming Ding 
Shanghai Jiao Tong University, 
Shanghai, P.R. China 

ABSTRACT 

In this paper, the stresses variation during phase transfor­
mation and its influence on residual stresses in low-alloy 
steel are investigated by means of thermal elastic-plastic 
finite element analysis. Three models were adopted to analyze 
the stresses during phase transformation. It was found that the 
residual stresses were lower than expected due to the abrupt 
variation of expansion coefficient caused by the volume 
expansion of the metal with its microstructure changes. The 
more the expansion coefficients changed, the more the residual 
stresses decreased. Furthermore, the lower the phase 
transformation temperature, the greater were the effects of 
phase transformation on residual stresses. 

INTRODUCTION 

Welding residual stresses have a significant influence on the 

weld cracking and strength and in-service behavior of welded 

structures. Recently, large thick-walled pressure vessels have 

been used more and more widely with the development of petro­

leum, chemical and nuclear industries. Usually high strength 

steels are utilized in these welded structures to keep weight 

to a minimum. 'Therefore, it is extremely important to evaluate 

the residual stresses accurately in such welded structures. 

Nowadays,much progress has been made in thermal elastic-plastic 

finite element analysis for transient and residual stresses in 

welding. However, few of them have introduced the influence of 
phase transformation. [1,2] For low carbon steels, phase 

transformation occurs at relatively high temperature when the 

elasticity of, the material becomes negligible. The residual 

stresses are likely not to be affected by the phase 

transformation in this case due to low yield stress. In 

contrast, the phase transformation appears at comparatively 

low temperature in low-alloy, high strength steels, and high­

alloy steels when both the yield stress and elastic modulus are 

L. Karlsson, L.-E. Lindgren, M, Jonsson (Eds,) 
Mechanical Effects of Welding 
IUTAM Symposium Luleil/Sweden 1991 
© Springer-Verlag Berlin Heidelberg 1992 
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restored. The volume variation due to phase transformation will 

affect the residual stresses greatly. 

In this paper, mechanical properties such as thermal expansion 

coefficient were measured during the heating and cooling stages 

for a ship-building low-alloy steel. On the basis of thermal 

elastic-plastic theory, the stress distributions were analyzed 

by FEM for the following three cases: (1) a cylindric specimen 

under the rigid restraint condition with uniform heating and 

cooling; (2) a cylindric specimen under the rigid restraint 

condition with simulated welding thermal cycle; (3) butt 

welding of thin plate. Verification experiments were also 

carried out. These agreed with the theoretical analysis very 

well. The mechanism and relevant trends are discussed for the 

influence of phase transformation on welding transient and 

residual stresses. 

MEASUREMENT AND ASSUMPTION 

Measurement of Expansion Coefficients 

A rapid quenching expansion device Lk-02 was used for the test. 

Its working range covered 

To simulate the thermal 

temperature from -200·C to 1350·C. 

cycle in the HAZ, the austenizing 

temperature 1330·C was kept for 1 second. Then a series of 

Expansion-Temperature curves was plotted for various cooling 

rate. A typical graph obtained in the test is shown in 
Fig.1 (a) .' The volume changes due to phase transformation. 

These changes led to deviations on the expansion curve which 

marked the beginning and finishing points of phase 

transform~tion. As the phase transformation occurs at a higher 

temperature during heating, its effect on residual stresses is 

very small. So only the expansion variation during phase 

transformation in cooling is discussed in this paper. 

The Cooling Rate-Phase Transformation Temperature graph 

obtained under various cooling rates is shown in Fig.l(b). 

It can be .seen that the beginning and finishing temperatures 

decrease gradually with the increase of cooling rate. Howev~r, 

when the cooling rate reaches a certain value ( SO·Cjs in this 
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Figure. 1 Relationship between: (a). expansion and temperature 
or: (b). cooling rate and phase transformation temperature. 

figure ), the points of phase transformation change little with 

the increase of cooling rate. 

The variations of expansion coefficient during the heating and 

cooling stages are shown in Fig.2(a) which indicates that 

changes abruptly from positive to negative during phase 

transformation in the cooling stage. 
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Measurement of Yield strength Data over a Temperature Range 

The tests were carried out on the Thermorestor-W welding 

thermal simulation machine. From Fig.2(b), it can be seen that 

the yield strength decreased with an increase in temperature 

during heating and cooling. When the temperature reached a 

critical value, the yield strength decreased dramatically. 

Because of very high rate of cooling, the quenching tendency of 

the materials under phase transformation caused the yield 

strength at room temperature to increase greatly after passing 

through the welding thermal cycle. 

Relationship Between Elastic Modulus and Temperature 

The relationship between elastic modulus and temperature is 

displayed in Fig. 3. The variation of elastic modulus during 

heating is assumed to be the same as during cooling. 

Based on the results of tests described above, the simplified 

trends of these parameters over a temperature ranges for a 

phase transformation are of fundamental importance in elastic­

plastic stress analysis in welding. 

25r-----------------------~ 

N""' 20 

! 15 
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X' 10 
o 
M 
X 5 
~ 

o 200 400 600 800 T(OC) 

Figure. 3 Temperature dependence of Young's modulus. 

RESULTS AND DISCUSSION 

Rigidly Restraint Model with Uniform Heating & coolingCModel 1) 

The variation of stresses during uniform heating and cooling is 

displayed in Fig.4(a) for a specimen fixed at the two ends. 

Curve 1 shows the case in which the variation of expansion 

coefficient is ignored during phase transformation (no abrupt 
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change). Curves 2, 3, and 4 are the computed results when the 

expansion coefficients in the phase transformation zone are 

different. It appears that the following rules are followed 

regarding the variation of stresses. During the beginning of 

heating stage, the compressive stresses generated and increased 

gradually because the two ends of specimen were fixed. 

Tensile stresses are produced during cooling as contraction of 

the specimen is inhibited by the two fixed ends. In the case of 

curve 1, phase transformation is irrespective, the stresses are 

tensile, and they reach the tensile yield stress value. Curves 

2,3 and 4 show that expansion under transformation causes 

tensile stresses to relax and then to turn into compressive 

stresses. After the phase transformation is completed, the 

expansion coefficient is restored to a positive value and the 

specimen continues to contract as the temperature decreases, 

which brings about the gradual decrease of compressive 

stresses. The compressive stresses turn into tensile stresses 
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Figure. 4 Transient and residual stresses of two models. 
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or remain at a relatively low value when the temperature cools 

to room temperature. It can be seen that the residual stresses 

are reduced as a result of the expansion due to phase 

transformation. The greater the expansion during phase 

transformation, the more the residual stresses decrease, they 

even change from tensile to compression. 

Rigid Restraint Test with Simulated Welding Thermal cycle 

( Model 2 ) 

The specimen is illustrated as Fig.5, with the two ends fixed 

rigidly, the middle part locally heated and the HAZ simulated 

with a welding thermal cycle. Figure 4(b) shows the results of 

finite element calculation and experiments for the variation of 

temperature and stresses with time during the simulated thermal 

cycle. The theoretical calculation agrees with the experimental 

results reasonably when expansion during phase transformation 

is considered. The trends of stress variation during heating 

and cooling are similar to those for the rigid restraint model 

with a uniform temperature field. But in the process of local 

heating, the expansion due to phase transformation in the phase 

transformation zone is not large enough for the tensile 

stresses to turn into compressive stresses because the phase 

transformation zone is small. So the residual stresses are 

tensile and are much lower than those for a sample in which the 

phase transformation is not taken account of. The residual 

stresses are about 30% lower when phase transformation is 

considered. 

Figure. 5 Restraint model 2 with welding thermal simulation 

Butt welding of Thin Plate 

the specimen with a weld laid in the center groove is shown in 
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Fig.6(a). The welding electrode had a diameter of 4mm,a welding 
current was 170A while the arc voltage of 2SV,speed of O.29cm/s 
was used. Figure 6(b) displays the results of calculation and 
measurement of residual stresses along the weld direction. 

Tensile residual stresses which reach the value of yield 
stress exists in the weld and near-weld regions when the expan­
sion due to phase transformation is not taken into account. In 
contrast to the above, the tensile stresses are much lower in 
the near-weld zones and maximum stress occurs in the near-weld 
zone instead of at the center of the weld, as phase 
transformation being taken into consideration. 

The residual stresses in actual welding structures are much 
more complicated, changing with the thickness of plate, the value 
of welding heat input and the effect of phase transformation. 
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The influence of phase transformation on residual stresses 

should be considered when the low-alloy and high strength steel 

or high-alloy steel is used for welding. using method proposed 

in this paper, the further investigation will be performed into 

the influences of phase transformation on residual stresses 

under various conditions. 

CONCLUSIONS 

1. Thermal elastic-plastic stress analysis on welding thermal 

stresses considering the influence of phase transformation has 

been proved to be effective • 

2. The variations in mechanical properties and expansion 

coefficients during heating and cooling were measured for a 

ship-building low-alloy steel. The yield stress increased 

significantly after a welding thermal cycle. In the phase 

transformation temperature zone during cooling, the expansion 

coefficients turned from positive to negative. 

3. The maximum residual stress decreased as a result of the 

phase transformation in welding. The more the expansion 

coefficient changed during phase transformation, the lower the 

tensile stresses became, which may even change into compressive 

stresses. 
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Introduction 

A model for the prediction of phase transformations during fast heating and cooling can 

improve the understanding and control of the microstructures and mechanical properties in 

processes like surface hardening treatments, welding ... Such a model could be used more 

conveniently than the graphical representations (isothermal and continuous heating and cooling 

transformation diagrams). It is also absolutely necessary in programs predicting the build ~p of 

internal stresses during the treatment and the residual stresses at the end of the treatment. III this 

paper, we present a mathematical model coupling phase transformations and temperature 

evolutions for a cylindrical specimen during a rapid thermal cycle. 

Description of the phase transfonnation calculation m:del 
Heatin~ 

The method used in this paper for calculating phase transfom:t tions during continuous heating 

from isothermal dam is based on a rule of additivity. It has been used by several authors (1-3), 

we recall briefly the principle of the method. The temperature-time curve is discretized in a 

series of isothermal steps. On each step the volume fraction of new phase formed is calculated 

by using isothermal transformation kinetics. 

The isothermal transformation kinetics is modelled according to t'1e law developed by Iohnson­

Mehl (4) and by Avrami (5): 

Yk = Ymax k (1 - exp (- bktnk» 

where Yk is the volume fraction of constituent k transformed into ._uslenite (k = 1 pearlite, k = 2 

ferrite) and bk and nk are temperature dependent paramet.!;·!. At each temperature, the 

coefficients nk and bk are calculated by using two points corresF·r;ding to a given percentage of 

phase formed (10 pct and 90 pct for example) obtained from t~Je isothermal kinetics of 

transfommtion or from the Isothermal Heating Diagram. Y'1lax Ie. is the maximum voluQle 

fraction of austenite that can be formed. The method for quanufying the phase transformations 

L. Karlsson, L.-E. Lindgren, M. Jonsson (Eds.) 
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is the same as the one used previously on cooling [3], it is based on the concept of fictitions 

time. 

The I.T heating diagram used in our model for a hypoeutectoYd carbon steel with a ferrite­

pearlite microstructure is presented on fi)!ure 1. 
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Fig. 1. - Isothermal transformation heating diagram for a XC42 carbon steel 

The different steps of the transformation from ferrite-pearlite microstructures into austenite, the 

mechanisms and the kinetics of these transformations have been widely treated and discussed in 

the literature [6-11]. From the IT diagram, we can see that austenite formation is considered to 

occur in two steps: fIrsdy the pearlite dissolution and then the transformation of ferrite. For the 

first step, the nucleation of austenite occurs instantaneously (above temperature ACt) so that no 

incubation period is considered. The diffusion distances are short and the transformation is 

rapid. For the second step the growth of austenite into the fe:rite regions is slower: it is 

controlled by carbon diffusion. At temperature between ACt and AC3, at completion of the 

transformation some ferrite remains. The maximum amount :Jf austenite that is formed is 

calculated from the Fe-C equilibrium diagram. Above temperatl're AC3, the completion of the 

transfoffimtion corresponds to a full austenitic structure. At ea~h temperature, the growth of 

austenite is modelled by two Johnson-Mehl-Avrami laws, one for the dissolution of pearlite and 

the other for the transformation offerrite [12]. 

- Evolution of the carbon content in austenite 

During rapid heating austenite is not homogeneous in composhion. This inhomogeneity will 

have an effect on the kinetics of transformation during cooling. Thus it is important to know the 

carbon content in austenite at the end of the heating process. Analytical and numerical 

treatments of austenite homogenization from one or two phas'!s have been proposed [13-16]. 
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They are based on the solution of the diffusion equation. In the pr~sent model, we have chosen 

to use experimental carbon distributions. From the experimentall:tudy on a XC42 carbon steel 

[17-18] an evolution law of the carbon content in austenite originating from the pearlite and 

ferrite regions as a function of the temperature difference AT = Taus - ACI has been obtained 

(figure 2) (Taus is the austenitization temperature; ACl, the beginning temperature of the 

transformation is here heating rate dependent). 
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Fig. 2. - Variation of carbon content in austenite as a function of heating conditions. The 

heating rate ranged from 590 to 800°C/s. 

When the temperature difference between ACI and Taus is low, the pearlite becomes austenite 

with 0.7 % carbon and ferrite becomes austenite with a low carbon content (- 0.02 %). When 

the austenitization goes on (with time and temperature), carbon diffuses towards the low 

concentration regions until the mean carbon content of steel is reached (here 0,43 % C). 

- Calculation of austenite grain growth 

Several authors [19:'21] have studied the effect of time and temperature on the grain growth of 

austenite during rapid heating. According to the rule of additivity (thermal cycle divided into 

isothermal time steps), austenite grain growth is described by the following relationship [21] : 

aa - a~ = ko t Ad exp (- R~i) 

where a is the austenite grain size during heating, Go the austenite grain size at the beginning 

of full austenitization, Ati length of time step i, Ti temperature of step i. a, ko, Q are constants 

and R is the gas constant. 
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Cooling 

This model has been put together with the existing model for the calculation of transformations 

during continuous cooling based on a rule of additivity. We give here only the principal features 

of the model [3,22]. 

Incubation and growth periods are treated separately for diffusion-controlled transformations. 

The incubation period is characterized according to Scheil's method. 

The phase growth is modelled according to the law developed by Iohnson-Mehl and Avrarni. It 

applies when the austenite transforms into proeutectold constituer.t (ferrite/cementite), pearlite 

or bainite. On the other hand, for martensitic transformation the progress of transformation is 

calculated using the relation established by Koistinen and Marburg;::r. 

A hardness calculation is associated with this phase transformation calculation [3,22]. 

Specific aspects related to rapid heating 

The specific aspects of rapid heating (inhomogeneity of austenite and grain size of austenite) 

have needed new developments of the existing model for calculating phase transformation 

during cooling. For diffusion dependent transformation, the increase of the austenite grain size 

leads to a slowing down of the transformation. This effect is modelled by a shifting in the time 

scale of the IT cooling diagram. When austenite is inhomogelleous, we consider a spreading 

out in time of its isothermal transformation kinetics on cooling. The modelling of these effects 

is described in detail in reference [12]. For the martensitic transformation, when austenite is 

inhomogeneous, the model takes into account a variation of Ms temperature with carbon 

content. The martensitic start temperatures are respectively Ms-yp and MSyF for the austenite 

originating from the pearlite regions (high carbon austenite: 'YP) and for the austenite originating 

from the ferrite regions (low carbon austenite: yF): 

Msyp = MsO + h ~Cyp 

MSyF =MSO + h ~CyF 

Mso is the martensite start temperature for the homogeneous austenite. ~Cyp (~CyF) is the 

difference between the carbon content of'YP (yF) and the mean carbon content of the steel - h is 

a constant. Thus, the two austenites will have a different progress of martensitic transformation 

with temperature. In addition, the hardness of martensite is calculated as a function of its carbon 

content. When austenite is homogeneous, Ms temperature is taken as a function of austenite 

grain size [12]. 

This phase transformation calculation model has been coupled with the calculation of the 

temperature distribution in a cylinder during rapid heating and cooling. The temperature 

distribution is chlculated by solving the heat conduction equation. This equation contains a term 

describing the rate of energy released by the phase transform::tion. The details of the thermal 

calculation model have been given previously [3,17]. 
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AIlIllication of the comllutational model 
In order to work out the model, an experimental characterization of phase transformations 

during rapid heating and cooling has been performed on a XC42 carbon steel (study of the 

kinetics of transformations, microstructural analysis, hardness measurements ... [17,18]. 

The complete set of input data has been described previously [12]. Firstly, the model has been 

applied to dilatometric specimens (without radial temperature gradients). We have shown that 

our model, with the different' concepts taken into account, correctly represents the state of 

austenite at the end of the heating and the following martensitic transformation during cooling 

[12]. In this paper, we shall only present how the model works on cylindrical specimens with 

high thermal gradients during heating and cooling. For this purpose we have carried out a 

numerical simulation of the rapid heating and cooling of a cylinder with 16 mm in diameter. A 

constant heat flux density is imposed at the surface for heating and for cooling. 

Figure 3 shows the temperature evolutions at different locations on the radius of the cylinder. 

The maximum temperature that is reached at the surface is 11 ()()OC. This temperature lies below 

ACI temperature (ACI -755°C) in an area between r = 0 and r = 3,5 mm. 
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Fig. 3. - Temperature evolutions at different locations on the radius of the cylinder 

In order to analyse the state of the austenitization along the radius of the cylinder, we show the 

volume fraction of austenite in figure 4, the carbon content and the grain size of austenite in 

figure 5. 

Five zones can be distinguished along the radius: 

1 : no transformation during heating 

2 : only the pearlite is transformed into austenite with a high carboil content 

3 : all the pearlite is transformed and the ferrite becomes austenite with a low carbon content 

4 : the austenitization process has reached completion and the l:umogeneisation of austenite 
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occurs; 5 : austenite is homogeneous and the grain size increases from 6 IlID to 15 Ilm at the 

surface. 

Of course, these different austenitization states will lead to different transformation kinetics 

during cooling. Figure 6 shows the radial distribution of microstructures at the end of cooling. 
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As expected in zone 1, we find the original microstructure (60 % pearlite, 40 % ferrite), In zone 

2, the volume fraction of high carbon martensite increases at the expense of pearlite, As a 

consequence of the low Ms temperature (Ms - IS0°C) an amount of retained austenite is 

obtained. There remains 40 % ferrite. In zone 3, the amount of high carbon martensite remains 

nearly constant and the amount of low carbon martensite increases. Zone 4 is made of a mixture 

of high and low carbon martensites. The amount of high carbon martensite increases slightly 

and the amount of low carbon martensite decreases slightly. These evolutions are to be related 

to the variations in Ms temperatures with carbon content. Near tl:e surface (zone 5), the amount 

of homogeneous martensite reaches 95 %. There is 5 % retained austenite. These 

microstructure distributions lead to a radial hardness distribution which is characteristic of a 

surface hardening treatment. Hardness is high (760 HV) and ne<'.rly constant down to a depth of 

2 mm and then decreases progressively until the original hardness of the steel (240 HV) is 

reached at 4.5 mm in depth. 

In order to test the capability of our model to predict the microstructural evolutions during 

heating and cooling we have applied it to the induction hardening treatment of a cylinder. Figure 

7 shows the comparison between the measured and the calculated hardness profiles along the 

radius of the cylinder. The calculation represents correctly the hardness evolution excepted in 

the central zone of the cylinder where the calculated hardness ,s higher than the experimental 

one. This difference has to be attributed to a discrepancy. between the calculated and 

experimental temperature evolutions in the centre of the cylinder [12]. 
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hardening treatment 

Conclusion 
The model for calculating phase transformations during rapid heating and cooling that has been 

developed describes the state of austenite at the end of the heating process and the 

transformations during cooling, 

This model, associated with thermal calculation programs already enables the prediction of 

microstructure and hardness distribution in workpieces subject to a surface heat treatment. For 

cylindrical pieces, this model is coupled with a calculation that predicts the development of 

internal stresses and the distribution of residual stresses too. This type of temperature phase 

transformation-stress calculation model will be a valuable guide for controlling and optimizing 

heat treatments. 

References 

1. B. HILDENW ALL: Prediction of the residual stresses created during quenching: 
especiatly the quench response in carburized steels. Dissertation n"39, 
Linkoping University (Sweden), 1979. 

2. M. MELANDER: A computational and experimental investigation of induction 
and laser hardening. Dissertation N° 124, Linkoping University (Sweden), 1985. 

3. F. FERNANDES, S. DENIS, A. SIMON: Prevision de l'evo!ution thermique et 
structurlile des aciers au cours de leur refroidissement continuo 
Mem. et etudes scient. Revue Metallurgie, 1986, 83,355. 

4. W.A. JOHNSON and R.F. MEHL : Reaction kinetics in processes of nucleation 
and growth. Trans. AIME, 1939, 135,416. 

5. M. A VRAMI : Kinetics of phase change. Part I : General Theory. J. Chern. 
Phys. 1939,7,1103. Part II: Transformation time relations for random distribution 
of nuclei'. 1. Chern. Phys. 1940,8,212. Part m : Granulation, phase change 
and microstructure. J. Chern. Phys. 1941,9,177. 

6. G.R. SPEICH and A. SZIRMAE : Formation of austenite from ferrite and 
ferrite-carbide aggregates. Trans. AIME, 1969,245, 1063. 

7. B. KARLSSON: Transformation kinetics for the forrnatio&1 of austenite from 
a ferritic-pearlitic structure. Z. Metalkde, 1972,63, 160. 



www.manaraa.com

8. 

9. 

10. 

11. 

12. 

13. 

14. 

15. 

16. 

17. 

18. 

19. 

20. 
21. 

22. 

A.P. SUROVTSEV and V.V. YAROVOI: Features of polymorphic transformation 
kinetics during heating for low carbon steels - Met. Sci. Heat Treat 1984,9,649. 
A.P. SUROVTSEV and V.V. YAROVOI, V.E. SUKHANOV et A.J. PROKLOVA 
Kinetics of polymorphic transformation in low-carbon ste'!lls - Met. Sci. Heat Treat. 
1986,2, 104. 
V.M. ZALKIN : Some controversial problems of the kinetics of the transformation 
of pearlite into austenite during heating of steel - Met Sd. Heat Treat 1986, 1-2, 96. 
G.R. SPEICH, V.A. DEMAREST et R.L. MILLER: Fonnation of austenite during 
intercritical annealing of dual-phase steels. Metall. Trans. 1981,12 A, 1419. 
D. FARIAS, S. DENIS, A. SIMON: Modelisation des transformations de phases 
des aciers en cycles thermiques mpides. Proc. Ecole de Prbtemps CNRS-EPFL 
"Lasers de puissance et Tmitement des matenaux" 27-31 mai 1991 (A pamitre). 
B. KARLSSON et L.E. LARSSON: Homogenization by :wo-phase diffusion. 
Mater. Sci. Eng. 1975,20,165. 
M.G. ASHBY et K.E. EASTERLING: The tmnsfonnation hardening of steel 
surfaces by laser beams I - Hypoeutectoi"d steels. Acta M:etall. 1984,32,1935. 
W. U : Laser transformation hardening of steel surfaces; Joctomt Thesis, 
University of Luleli (Sweden) 1984. 

65 

H.U. FRITSCH, H.W. BERGMANN: Influence of the carbon diffusion during laser 
transformation hardening. Numerical simulation and experimental verification.European 
Scientific Laser Workshop on Mathematical Simulation (organized by H.W. 
BERGMANN) Lisabon 1989. Sprechsaal Publishing Gro~p - D 8630 COBURG, 31. 
D. FARIAS, S. DENIS, A. SIMON: Les transformations de phases en cycle thermique 
mpide et leur modelisation - Cas d'un acier XC42. Tmitement Thermique, 1990, 
237,63. 
D. FARIAS: Tmitement thermique laser de racier XC42 et modelisation des 
transformations de phases en cycles thermiques mpides ali chauffage et 
au refroidissement. These de Doctomt I.N.P.L. Nancy 1991 (A venir). 
J. WYSZKOWSKI : Gmin growth of austenite on rapid heating. Iron and Steel, 1970, 
44,77. 
R.A. GRANGE: The rapid heat treatment of steel. Metall. Trans. 1971,2 A, 65. 
H. lKA WA, S. SHIN, H. OSHIGE et Y. MEKUCHI : Austenite grain growth of steel 
during thermal cycles. Trans. JWS, 1977,8,46. 
F.M.B. FERNANDES : Modelisation et calcul de l'evolution de la temperature et de la 
microstructure au cours du refroidissement continu des aciers. These de Doctomt 
de l'Institut National Poly technique de Lorraine, Nancy 1985. 



www.manaraa.com

The Analytical Method of Bainite Transformation Evaluation 
in Microalloyed Steels in the Process of Rapid Cooling 
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Technical University of Gdansk, POLAND 

Summary 

The investigation aims at the elaboration of an easy, operative and statistically precise 

estimation method of bainite quantity in underwater weldment HAZ. The scope of inve­

stigation has been limited to the representative of microalloyed steels of C-Mn type, low 

alloy steel used in the Polish shipbuilding industry. The accepted cooling time interval is 

tsoo-500, for the underwater welding from 1.5 to lOs. It has also been assumed that mainly 

bainite-martensite structure appear in HAZ in these conditions. The statistical method of 

transformation analysis has been carried out in the following stages: 

a) model investigation of the kinetics of the structural transformation process; the 

construction of the physical model, its mathematical description and computer si­

mulation; 

b) qualitative analysis of the factors influencing structural transformation process ba­

sed on experiments; 

c) dependence of bainite quantity and the factors influencing the transformation pro­

cess based on the model investigation for the thermal cycles in underwater condi­

tions; 

d) statistical relationship between the quantity of bainite, steel composition, the linear 

energy of welding and hardness. 

The Aim of Investigation 

In the process of underwater welding of higher strength steel weldments, using a wet 

method, there appear martensite structures which are disadvantageous from the point of 

view of structure strength and cause numerous cracks. 

L. Karlsson, L.-E. Lindgren, M. Jonsson (Eds.) 
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The use of the local dry cavity method of welding reduces the amount of martensite and 

limits the risk of cracking. The processes occur in HAZ due to the reduction of cooling 

rate, thanks to the use of special welding head. Still, as experimental data shows, high 

cooling rates (although lower than during wet welding) cause the HAZ and the grain size 

shrinking, (as compared to the welding in the air). Thus the investigations into the ki­

netics of transformations in underwater welding require the usage of other methods than 

the ones traditionally used during in the air welding. 

Physical Model of Bainite Transformation 

The assessment of austenite before transformation (local carbon concentration and auste­

nite grain size) was used as the basis for the physical model determining bainite quantity, 

its distribution and grain size in HAZ overheated zone after welding. As matalographic 

analyses ( in underwater weldments) showed only the presence of bainite and martensite, 

the assessment of bainite data made the structural analysis of the material after welding 

possible. 

The physical model has been based on the following factors: 

a) austenite assessments after transformation during the process of heating by austenite 

nucleation and its homogenization processeSj 

b) modeling of bainite nucleation and cementite precipitation considering: 

- martensite type nucleation for bainitej 

- precipitation of cementite from austenite in upper bainite formationj 

- precipitation of cementite from ferrite in lower bainite formation. (Fig 1.). 

The II Fic's law was used for the analysis of austenite homogenization: 

(1) 

where: 

u - carbon concentration in the point, which is the function of coordinates and time tj 

au/ at - change of carbon concentration in timej 

D1 - carbon diffusion coefficient in austenite. 

As the process of carbon diffusion takes place in the austenite structure, diffusion coeffi­

cient value in austenite was taken for D1. 
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The value of diffusion coefficient Dl was assumed as for the homogeneous area, disregar­

ding the changes of its values during carbon diffusion across the the grain boundaries. 

This assumption was connected with the fact that tlie influence of a grain size on the 

carbon diffusion process in austenite was not taken into account. 

The significant dependence of diffusion coefficient on temperature was accepted for calcu­

lations. Because the sample was heated and cooled uniformly, one may assume that the 

process of diffusion takes place with the same probability in any sufficiently large area. 

Hence for the determination of carbon concentration the sample area of a rectangular 

shape has been assumed: 

s = {(x, y): a::; x ::; b, c ::; y ::; d} (2) 

It has been assumed that on the area boundaries the diffusion carbon exchange does not 

take place which determines the following boundary conditions: 

au/ax = 0, x = a,x = b au/ay=o y=c,y=d (3) 

For an univocal solution of the equation (1) with the boundary conditions (3) the deter­

mination of an initial condition is indispensable. It has be~n assumed that the process of 

diffusion during the heating of a sample from the ambient temperature to the temperature 

marking the end of austenite is insignificant, thus carbon concentration hasn't changed 

in this time. 
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Modeling of Bainite Nucleation and Cementite Precipitation 

The following equation has been used for the analysis of bainite nucleation: 

P(ls) = (-0.0009) * (T - 873) + 0.02 [%] (4) 

which is the dependence of the temperature on the local carbon concentration in austenite 

before transformation where: 

T - Temperature [K]; 

P(ls) - carbon fracture in the structure. 

The dependence in (4) is accurate in the range of carbon concentration up to 0.8% (max. 

carbon concentration in the tested austenite). 

The quantity of upper and lower bainite has been analysed using equation (5) 

R(J, J) = klO * ilt * (Dl)o.s [%1 
S(J,J) = JOh (Gh ilt)o.s [%1 

where: 

klO,kll - kinetic coefficients; 

Dl,G4 - carbon diffusion in austenite,in ferrite. 

The Analysis of the Factors Influencing The Process of Transformation. 

(5) 

The model investigation presented above shows the process of the transformation of ba­

inite from austenite. Its mathematic description allows the qualitative analysis of the 

model in any thermo-structural conditions. 'thus it may be used for the analysis of the 

transformation in the investigations of welding conditions in the air and underwater. Yet 

one must start with defining these conditions for a given type of welding first.The pre­

sented above specificity of underwater welding is characteristic for its very narrow HAZ 

and conse- quently an overheated zone. Hence the thermal gradient in this zone is very 

narrow as well. The vicinity of a very active weld influences carbon diffusion and fine unre­

crystallized zone of material limits diffusion and blocks the grain growth. The conditions 

influence the basic parameters of the model in the following way: 

a) Thermal diversification caused by thermal gradient decides upon the process of 

diffusion with varying probability in a chosen area. Thus the process of diffusion 

has the highest vicinity of a weld and lower speed in the recrystalization zone. As 

compared to air welding the process is slower. That is why the quantity of upper 
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bainite is smaller and that of lower bainite is higher. The effective amount of bainite 

is smaller that in the air; 

b) The restriction of grain growth is caused by: an increase of thermal gradient (which 

results in the change of diffusion and boundary conditions), an increase of compres­

sive stresses; 

c) The decrease of an austenite grain growth size slows down the process of bainite 

formation which increases HAZ hardness; 

d) The change of chemical composition influences carbon diffusion and austenite grain 

growth. 

The analysis of the presented factors points to the necessity of quantitative evaluation 

of the influence of both the thermal diversity and the grain size as well upon bainite 

formation. One may thus consider the following factors influencing transformation in the 

statistic investigation: 

- chemical composition of steel; 

- linear energy of welding; 

- grain size of former austenite in HAZ overheated zone. 

The Experimental Investigation of Bainite Transformation Kinetics 

The experiment was performed in underwater conditions, using the local dry cavity me­

thod for steel 15GA and 15G2ANb. The chemical composition of both steel types is 

presented in table 1. 

Table 1. 
Chemical composition of tested steel 

C Mn Si P S Al Nb 
15GA 0.18 1.19 0.35 0.021 0.021 0.055 
15G2ANb 0.11 1.26 0.37 0.016 0.016 0.055 0.044 

Butt joints, of 12 mm thickness were welded in the horizontal position at the depth of 20 

m with the following parameters: I=280A, V=45V, v=0.13m/min. Joints were made on 

the copper backing bar using wire SpG2S1NCu diameter 1.6 mm. The results were there 

statistically described, which resulted in the regression equation: 

B = -4.66 * x + 5.64 * y + 17705.8 * z - 5.09 (6) 

where: 

B - amount of the formed bainite [%], x-carbon equivalent [%] 
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y - time of exposition to temperatures tSOO- 500 [s1 

z - grain size [*1O-5m] 

The equation (6) has the correlation coefficient R=0.99 and statistical parameters: F-ratio 

= 149.4 and P-value=0.0592. The image analysis method has been used for the identifica­

tion and evaluation of bainite structures with Micro-Videomat (Opton) image analyzer. 

The measurement of grain size has the accuracy of 2.5*10-6 m and that for the amount 

of structures up to 5%. 

The Analysis of the Results 

The function dependence represented by the equation (6) made possible the construction 

of the simple function dependence of bainite quantity on carbon equivalent, tSOO-500 and 

grain size. The analysis of model investigations enables the substitution of linear energy 

for tSOO- 500 and overheating hardness replaces the grain size in equation (6). The regression 

analysis has been done for there parameters. The equation (7) presents the correlation 

dependence (r=0.99) between bainite quantity(B [%]), carbon equivalent(x [%]), hardness 

(z1 [HVlO]) and the linear energy(y1 [KJjcm]) (F-ratio=68.56, P-value=0.08) 

B = 150.1 * x + 0.79 * y1- 0.05 * z1 - 52.85 (7) 

Fig.2 presents the graphical values equivalent to the amount of bainite obtained using 

regression equations for underwater conditions and on the basis of the elaborated equation. 

Conclusions 

1. The model investigations of bainite transformation kinetics in underwater welding 

pointed to the necessity of considering the grain size of the former austenite, the 

chemical composition of steel and thermal cycle parameter in the statistical investi­

gations. 

2. The experiments carried out in underwater conditions confirmed the results of model 

investigation. The regression equation (6) between the amount of bainite and carbon 

equivalent, tSOO-500, the grain size of former austenite has the correlation coefficient 

R=0.99. 

3. Having considered the results of the physical model, dependence (7) was suggested 

for practical application. The parameter of the thermal cycle tsoo-500 substitutes 

linear energy of welding and the maximal HAZ hardness replaces the grain size of 

the former austenite. 
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Summary 

The present work is aimed at the discussion of the essential problems associated with 
modelling underwater welding of inelastic structures. A thermomechanical model of un­
derwater welding is proposed assuming rate dependent material reaction, full coupling of 
thermal and mechanical effects, latent heat accompaning the solid-liquid phase change and 
environmental water boiling effects. An incremental variational formulation of boundary 
value problems involving finite strain thermo- elastic-viscoplastic deformation is discussed. 
A finite element approximation of the variational problem is constructed, and the algo­
rithm for solving the discrete problem is based on ABAQUS and TF-3D. The paper closes 
with the evaluation of transient and residual stresses and thermal dilatations for a simple 
butt joint. 

Introduction 

In underwater welding there occurs heating, when a weld metal is deposited, and fast 

cooling, when an arc shield displaces the following arc. The model of heat exchange be­

tween a weld joint and surrounding water is one of most important subjects of analysis 

and is proposed assuming the following heat fluxes: 

• heat source produced by electric are, 

• internal heat flux resulting from the dissipation of inelastic deformation energy, 

• latent heat generated by the solid-liquid phase transformation, 

• surface outfluxes. 
The phase transformation entails the study of the "thermal free boundary" problem be­

cause of the latent heat generation or absorbtion, which occurs on an unknown singular 

surface Sa [14, 15] defined by the temperature OPH. The description of the behaviour of 

the welded mat~rial is given in terms of thermo-elastic-viscoplastic theory [10] assuming 

temperature dependent material parameters following [2, 6]. 
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Transient or residual stresses, dilatations and temperatures are established by the balance 

of momentum and the balance law of internal energy, which in integral form encompasses 

the balance relations held on the singular surface [15]. These relations are often called the 

Rankine-Hugoniot conditions. The variational form of the incremental boundary value 

problem is derived following [5, 17] in which the plastic strain rate, equivalent plastic 

strain rate and temperature rate are unknowns. This problem is solved by using the 

Galerkin method which is the basis for the finite element method. The thermomechan­

ical problem of a butt welding of plates is a model of an underwater welding process. 

Numerous examples for this model are solved to show numerical effects of constitutive 

modelling of thermo-elasto-plastic material behavour. Contour lines of temperature and 

residual stresses are compared considering or neglecting latent heat, viscous effects and 

thermomechanical coupling. Examples are evaluated by ABAQUS [1] and TF-3D [11, 12]. 

Thermomechanical problem formulation 

The coupled thermomechanical welding problem is defined by the balance of internal 

energy, balance of momentum, and thermal and mechanical boundary conditions sufficient 

to approximate surface and internal phenomena occuring during welding of metals. 

Balance of internal energy is expressed by 

pocvO + div q = tr {1:. : §.} + PoR (1) 

where: 0 = temperature; Cv = thermal capacity of constant volume; po = initial mass 

density; q = heat flux per unit area; :r. = (pol p)!l. is the Kirchhoff stress tensor; !l. is the 

Cauchy stress and ~ is the strain rate in the actual configuration; R is energy radiation; 

1:. : ~ is the scalar product of 1:. and~. The additive strain rate decomposition of the form 

(2) 

is assumed, where ~el, ~Lh and ~vp are the elastic, thermal and visco-plastic parts of the 

total strain rate ~. 

A description of the behaviour of welded materials is given in terms of thermo-elasto­

viscoplasticity theory [10]. The elastic and thermal parts of strain rate are defined by the 

following constitutive equations: 

(3) 

where: a = dilation (i.e. thermal expansion); p. = shear modulus; K. = Lame's coefficient; 

stress rate is given by I = (pol P )(i +!l. tr k - ~ '!l. + !l.' ~); 0 = rate of temperature; k = 
velocity gradient, k = ~ + ~; ~ = spin, ~ = Hk - kT); ~ = Hk + k T). The constitutive 
equation for the inelastic strain is defined [10] by 
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(4) 

where: i = fluidity parameter; 8ij = deviatoric stress, 8ij = (pOlp)(Uij - ~ukk5ij); f 
= Mises yield function used to characterise the material, f(r..,r..o) = 7' - TO (ZVP, 0); 7' = 
Mises equivalent stress defined in terms of Cauchy's deviatoric stress, 7' = (Pol ph/~8ij8ij; 
7<o(ZVP 0) = yield limit· ZVP - equivalent strain' ZVP - ft tVP dt - fT ~eY.P eY.p dt· (<1» , , - , - Jo - Jo 3 1) tJ ' 

is taken as nonzero for positive values of the yield function f. Actual forms of the fluidity 

function i and the overstress function <1> are: 

i = Aexp(-QIRT) 

<1> [sinh(,87'}t 

(5) 

(6) 

where A, B, Q, n, R are material parameters [8]. Expressing;' in terms of elastic strain 
rate §.eJ by inverting the first relation of 3 and substituting it in 1 together with 2 and the 

second part of 3 gives 

O· '0 '0 O' [ ·.1 (28P. ih<-).I .• 1] R t-':'vp 
pocv - /I,k ,k - /I ,kk - -iklckl + 80 + 80 CklCkl = Po + \, l' C (7) 

where: grad q = A,kO,k + AO,kk; e = f I J, ikl = (3x: + 2p.)a5kl; f = fraction of plastic work 
that turns into heat; J = mechanical equivalent of heat; A = the thermal conductivity; 

.vp _.:.vp 
r..:§. =1'c . 

The dissipation of inelastic energy erep is treated as an internal heat.flux. The balance 

law on a singular surface Sa C BV, where either solid-liquid or solid-solid phase trans­

formations take place, is expressed as the Rankine-Hugoniot condition [14, 15] for a heat 

flux 9:. transferred through the surface, i.e. 

(8) 

where: QLH = latent heat defined by the constitutive equation with respect to a Helmholtz 

free energy and a fusion temperature; qext = external heat flux, which has to be found by 
solving the problem of thermal contact between a weld and an environment. The surface 

Sa is not necessarily a real physical surface and therefore it may be a thin region [15] 

in the case of phase transformations occuring in alloys. These two balance laws 7 and 8 

could be combined, only expressing 7 in the functional form. The stationary condition 
for such a functional is 

j pcv8 50 dO. - j [-'Yklek~ + (2 ~~ + ~;) Ckl€~] iJ 50 dO. - j AklO,k 50,k dO. 
v v v 

+ j AkIO,I60nkdS+ j(QLH-9...xt·!!)50dS = PojR50do.+ejrtVP50dV (9) 
av/sa s. v v 

where V is a volume of a body, Le., a weld joint. 
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Heat transfer between the weld joint and the surrounding water is modelled considering 

convection, radiation and boiling phenomena. Therefore the underwater welding problem 

is solved with thermal boundary conditions determined in respect to the surface temper­

ature range and radiation shape factors suitable for sides of a joint. The heat flux on the 

upper surface is defined by 

(10) 

where: hcu = convection heat transfer coefficient [9]; hru = radiation heat transfer coef­
ficient; hbu = heat transfer coefficent [4] in the stable film boiling region on a horizontal 

surface; OE = environmental temperature; Os = boundary surface temperature; Q* = heat 

flow supplied to weld joint; 8 = 1 for the heating period of a weld cycle; 8 = 0 for the 

cooling period of a weld cycle. These heat transfer coefficients are given by the following 

expressions: 

(11) 

(12) 

(13) 

where: !:l.0", = Ow - 0.; Ow = mean wall temperature; 0"" = free stream temperature; 0_ 
= saturation temperature; fJ = volume coefficient of expansion for water; 9 = acceleration 

of gravity; Cw = specific heat of water; Cpv = specific heat of vapour at constant pressure; 

p = density of water; PL = density of saturated liquid; pv = density of saturated vapour; 

pvC = vapour density evaluated at film temperature; L = characteristic length of a weld 

joint; Vw = kinetic viscosity of water; kw = thermal conductivity of water; kvI = thermal 

conductivity of vapour at film temperature; Ut = surface tension of liquid-vapour interface; 

e = emissivity of the surface; hCg = enthalpy of vapourization; Jlv = viscosity of vapour; 

90 = conversion factor 90 = 1 kg miN s2; U = Stefan-Boltzman constant. 

The heat flux on the bottom and lateral surfaces is defined by 

(14) 

The heat transfer coefficients are given by 13 for hrJ and the following empirical relation [9] 

(15) 
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The heat flux for nucleate pool boiling q'bl is defined by [13] 

( C,IlOz )3 Jllhrg 

q'bl = hrg Pr, Cor J gcO'c / g(PI - Pv) , 
(16) 

where: C, = specific heat of saturated liquid; Pr, = Prandtl number of saturated liquid; 
Cor = constant, determined from experimental data. 

Equation 9 must be solved simultaneously with the equation expressing balance of mo-
mentum, i.e., 

J i"i Oe"j dV = J iiOVi ds + J hioVi dV, (17) 

v s, v 

where: i; = rate of surface traction defined on the surface Sc; h; = rate of body force per 
unit actual volume; Vi = velocity of displacement. The stress rate i,,; may be replaced 
in 16 by the use of the elastic constitutive equation 

v CE [. .vp .th] 
Tij= ij'" e'd - e", - e", , (18) 

where the fourth order elastic tensor Ci~'" is expressed by Lame and Poisson constants 
to assure the consistency with the form 3. Eulerian strain rate components at the actual 
configuration are given in relation to a velocity displacement by 

. 1 (aVi aVi) 
e;j=- -+- . 

2 aXj ax; 
(19) 

Finite Element Approximation of Thermomechanical Problem 

Introducing linear time approximations and finite element interpolation, the matrix form 
of the internal energy equilibrium equation for the element assemblage is 

(J"t J"t t t) 0 t+At 'HAt QHAt 
&,\ + llb(u+l) + K" + K,.,. Il(i)_ + (;-1)!2 (i)~ = (;-1).:!!X ' (20) 

where Kl(u+l)' Ki. K:" Jf!,. are stiffness matrices corresponding to boundary conditions 
defined on the upper and other surfaces, and to thermo-elastic constitutive equation 3; 
Il(i)~ = vector of nodal temperature increments at i-th iteration of (t + Ilt) time step; 

O'(HAt) f d I . h . . f ( At)' (i)_ = vector 0 no a temperature rates at &-t IteratIOn 0 t + L.J. tIme step; 
(;_I)Ct+At corresponds to the term of 9 with PCV; the right hand side heat flux i_l~At, 
which includes ineJastic dissipation, is defined in [11, 12]. 

The finite element equation corresponding to the balance of momentum 16 can be written 
in the form [17] 

J(t • oll. = n}+At _ IN Et (21) 
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Figure 1: Temperature at the start of cooling period. 

where: K' = incremental stiffness matrix arising from the constitutive equations 3 and 4; 

Oll. = vector of nodal displacement variations; n'+tJ.1 = vector of the externally applied 

loads; IN E' = vector of nodal point forces equivalent to the element stresses. 

Two different programs, based on the finite element approximations, are used to solve 

the thermomechanical problem in the heating and cooling periods respectively. Thus, the 
final temperature at the end of the heating period is evaluated by the use of TF-3D [12] 
and the residual stresses at the endof the fast cooling period are calculated by ABAQUS [I] 
for the defined initial temperature distribution. The coupled system of finite element 
equations 20 and 21 is solved simultaneously by ABAQUS in the case of the full coupling of 

thermal and mechanical effects. 

The model used in the analysis of transient and residual stresses in the butt welded plates 
is a symmetric plate with a lengthwise single V- groove. Due to symmetry one plate of 

120 x 40 x 10 is considered. The shape of the V-groove root is standard, i.e., the angle 

is 45° and the depth is 8.5 mm. The molten pool is roughly assumed to be a moving 
ellipsoid, whose projection onto the welding surface is 5 mm long and 4 mm wide. The 

power of a welding arc transmitted to a weld is 3085 J Is which results because of welding 
current A = 190 A, voltage V = 28V and efficiency.,., = 0.58 .. The electric arc covers the 

distance lw = 40mm with the welding speeed v = 4mm/s. 

The finite element mesh is composed of 624 eight-noded brick isoparametric elements in 
four layers and 945 nodes. Material parameters such as heat capacity, heat conductivity, 
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y 
Figure 2: Support of the plate. 

yield limit and Young's modulus are temperature dependent and follow the material data 
appropriate for HT36-stf'd [2, 6]. The Young's modulus for the range of temperature ooe 
to 16000 e changes fronl 2.11 x 105 MPa to lOMPa. The plastic yield limit goe .. through 
the region 362.9 MPa at 20°C to 1 MPa at l600oe. The Poisson's ratio is included with 
a lower limit of 0.255 (; ~ 20°C and an upper limit of 0.485 at 1600oe. The pha. e change 
is determined by the tl 'Ilperature OPH = 14100 e and its tolerance 6fJpH = 50°(;, and the 
portion of latent heat energy QLH = 271.6 kJ /kg. The data accepted for the viscoplastic 
constitutive equations 5 and 6, recommended by [8] are the following: A = 1.2 X 1012 5-1, 
f3 = 0.0012mm2/N; Q = 351 kJ/mol; n = 3.5; R = 8.31 J/mol· K. 

The water pressureis assumed to be 1.013 x 106 N/m2 which represents welding conditions 

at a depth of 10 m. The underwater welding problem has been solved accounting for the 
following three constitutive models of welded plates: 

• thermo-elasto-plastic material with one-sided thermomechanical coupling, 
• thermo-elast9-plastic material with full coupling of thermomechanical effects, 
• thermo-elasto-viscoplastic material with full coupling of thermomechanical effects. 

In all cases the isotropic work hardening is considered. This paper presents the results 
obtained for the cooling period of welding, which starts after t = 10.0 s of the heating 
period. The initial temperature for the cooling, distributed on the surface of welding and 
the contact surface of welded plates, is shown in fig. 1. The maximum temperature is less 
than l600oe. The cooling period is terminated after 30s, when the temperature of the 
weld joint reaches 15°C. The welded plate is supported on the bottom such that the top 
left hand corner (see fig. 2) is fixed and vertical movement on the other nodes is assumed 
zero. 
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Figure 3: The second invariant of residual stresses: (A) plasticity with one-sided coupling; 
(B) plasticity with full coupling; (C) viscoplasticity with full coupling. 

CONSTITUTIVE THEORY MAXIMUM OF THE SECOND INVARIANT 

OF RESIDUAL STRESSES 

element no. T value MPa rJ % 
plasticity with one-sided coupling 621 To. = 362.5 0 
plasticity with full coupling 437 359.7 -0.77 

621 357.1 -1.51 
viscoplasticity with full coupling 619 384.4 6.04 

621 380.2 4.89 

Figure 4: The relative factor rJ is defined by r, = (T - Too) / Too x 100%, where Too is 
the maximum value of the second invariant of stress at node 621. 
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Figure 5: Undeformed and deformed networks for welded plate: (A) plasticity with one­
sided coupling; (8) plasticity with full coupling; (C) viscoplasticity with full coupling 

Residual stresses generate<l after cooling are evaluated by ABAQUS for each of the ;.hree 

constitutive models. These stresses, represented by the second invariant of the Kirchhoff 
stress T, are shown in fig. 3. One may conclude, from this figure, that the greater mean 
stresses occur for the solution with rate dependent effect~, and the smaller mean stresses 
can be noted for the plastic theory with the full thermal coupling. Morever, the residual 
stresses are compared in respect to the maximum of T appropriate for the plastic solution 

with one-sided thermal coupling. Such comparisons are given in fig. 4. The thermal stress 
maximums are of the same range, but their locations are completely different. The element 
437 is placed at the upper layer of the plate, but the elements 619 and 621 are situated 
on the bottom layer and near the front lateral surface. The permanent displacements 
conjugated with residual stress are presented in fig. 5 where deformed networks are shown 

against the background of the virgin plate. 
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ABSTRACT 

Superficial laser treatments are currently used to generate hard 
metallurgical structures and compressive residual stresses on the surface 
of the component treated. This paper presents a three-dimensional numerical 
simulation of such a treatment, based on a computation of .the thermal, 
metallurgical and mechanical steady state in the laser's comoving frame. 
This simuLation notably shows that very high tensile stresses are generated 
below the external compression zone; this result yields important 
consequences upon fatigue crack initiation and propagation. 

INTRODUCTION 

Laser surface treatments are becoming a standard process in the 
metallurgical industry. The benefits expected from such treatments are a 
hard, martensitic structure and also compressive residual stresses, which 
should improve the material behaviour with respect to the initiation and 
propagation of fatigue cracks. 

Numerical simulations offer a promising means of determining the 
metallurgical structure and the residual stresses inasmuch as direct 
measurements are costly and obviously cannot provide the quantities of 
interest at all points of the structure. Such thermal, metallurgical and 
mechanical simulations have become more and more common in the last decade 
in the context of welding and quenching procedures. However numerical 
simulations of laser treatments have remained limited to thermal and 
metallurgical computations; see e.g. Luneville [lJ. The aim of this paper 
is to present ~ complete, thermal, metallurgical and mechanical simulation 
of such a treatment, using the SYSWELD software [2J. 

This calculation is fully three-dimensional. Very few such computations are 
reported in the literature (see, however, Oddy et al. [3J), because they 
are extremely costly and time-consuming. In order to circumvent this 
difficulty, the present simulation uses a trick which consists in directly 
evaluating the stationary state in the laser's comoving frame without 
calculating the intermediary transient states; this greatly shortens the 
calculation by reducing the number of time-steps to only one. This idea was 
originally proposed by Nguyen and Rahimian [4J, who used it to study a 
moving crack in an elastoplastic medium; it was later applied by Dang Van 
et al. [5J and Maitournam [6J to the evaluation of stresses induced in 
rails by the roll of wheels. 
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The results of the computation are compared with measurements performed by 
the Institut de Soudure using X-ray diffraction and the incremental hole 
drilling method. The effect of taking the third direction into account is 
also assessed through comparison with two-dimensional simulations performed 
under both plane strain and generalized plane strain assumptions. 

GENERAL FEATURES OF THE SIMULATION 

The simulation is performed in two steps: first, thermal and metallurgical 
calculation; second, mechanical calculation. The second step uses the 
results of the first one but feedbacks are disregarded. Both of them 
involve a calculation of the stationary state followed by a transient 
computation aimed at simulating the laser beam's leaving the plate. 

The thermal simulation accounts for the dependence of the heat capacity and 
the conductivity upon temperature (the calculation is non-linear). Losses 
due to free convection and radiation are introduced through the use of a 
temperature-dependent heat transfer coefficient. Though the SYSWELD 
software permits to take the effect of transformation latent heats into 
account in a fully rigorous manner (the thermal and metallurgical 
calculations are then fully coupled), this effect is simply schematized 
here by means of a peak of the heat capacity near 700 ·C. The metallurgical 
calculation is based on a kinetic model described in [7], which applies to 
martensitic as well as diffusion-controlled transformations. 

The second step is basically a thermoelastoplastic calculation, but is 
somewhat more complex due to the influence of transformations, which arises 
from several phenomena: first, the dependence of the various mechanical 
charateristics upon the proportions of the phases; second, the transfor­
mation-induced volume changes; third, the so-called "transformation 
plastiCity" effect. The model used to describe the latter phenomenon is 
based on both theoretical and numerical studies described -in [8] and [9]. 

With regard to the calculation of stationary states in a moving frame, the 
first step uses special, discontinuous test functions originally proposed 
by Hughes and Brooks [10] in order to avoid spurious oscillations often 
observed for high Peclet numbers. In the second step, the only difference 
with respect to a classical transient calculation lies in the plastic 
stress correction: values of mechanical quantities at a given Gauss point 
at the beginning of the time-step considered are replaced by values at a 
"preceding" Gauss point in the direction of the heat source movement. This 
necessitates the definition of sequences of Gauss points, which is done by 
a pre-processor. This also puts some restrictions on envisageable meshes: 
namely, Gauss points must form straight lines parallel to the heat source 
velocity. 

FIRST SIMULATION 

We consider a plate made of 35NCD16 steel (AFNOR standard) with dimensions 
60x50x25 mm; due to symmetry about the mid-plane, only one half of the 
structure is represented in the finite-element mesh (Figure 1). The trace 
of the beam on the treated surface is circular; the energy per unit surface 
is constant over a disk of radius 4.6 mm, then decreases linearly down to 
zero over a 5.3 mm distance. In a first simulation, the beam power is 
assumed to be 3100 W. This power is absorbed by the metal via an absorption 
coefficient which is a strongly increasing function of temperature. 
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Figure 1: Finite eLement mesh 

The cooling rate is very high: about 360·c/s at 700·C. The metallurgical 
structure is consequently completely martensitic in the heat affected zone 
(HAZ); Figure 2 shows the computed martensite distribution. The depth of 
the "AC1 line" is about 1. 3 mm. 

Figure 2: Final martensite distribution 

1<0.5000[-01 
. <0.2500 
1<0.1500 
111 <0.9500 
J>0.9500 

Figure 3 shows the distribution of the final transverse (axx ) stress. It 
appears that this stress is highly compressive in the HAZ (due to the large 
volume increase induced by the martensitic transformation), but highly 
tensile just below it; the minimum and maximum stresses amount to about 
- 800 and + 800 MPa respectively. The longitudinal (ayy ) stress is not 
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shown but its behaviour is the same except for a global shift toward higher 
values. (On the other hand, the through-the-thickness stress uzz is much 
lower in absolute value). This bears important consequences upon the 
subsequent behaviour of the component with respect to fatigue crack 
initiation and propagation. Indeed, while the laser treatment tends to 
inhibit crack initiation in the HAZ, it favors it at somewhat larger 
depths; furthermore cracks should propagate toward the interior of the 
plate rather than toward the external surface, which means that they should 
remain undetected if only surface observations are made. It should also be 
observed that Figure J exhibits very high stress gradients, which casts 
some doubts upon the ability of experimental procedures to capture such 
stress fields; this point will be further discussed below. 

1<-300.0 
~<0.0000[+00 
a< 300.0 
m< 600.0 
~> 6~0.0 
+ -814.7 
• 804.4 

Figure J: Distribution of the residuaL transverse stress 

Figures 4 to 7 show the variations of the residual transverse and 
longitudinal' stresses halfway along the plate, on the symmetry plane (from 
the upper to the lower surface) and on the upper surface (from the symmetry 
plane to the edge); points plotted include those obtained from the 
three-dimensional simulation, from X-ray diffraction experiments conducted 
by the Institut de Soudure, and from two-dimensional (plane strain or 
generalized . plane strain) simulations. (In the latter simulation, the 
planes orthogonal to the laser velocity can have a translatory motion along 
the y-axis and rotate about the x-axis; on the other hand, because of the 
symmetry with respect to the yz-plane, rotations about the z- axis are 
prohibited). It appears that the results of the three simulations are quite 
close for the transverse stress, but not so for the longitudinal stress in 
the HAZ. for which they increase in the order (3D) - (generalized plane 
strain) - (plane strain), in obvious correspondence with the increasing 
stiffness of the structure in the y-direction. On the other hand, the 
comparison with experimental results is somewhat disappointing: in the HAZ, 
none of the simulations yield a really satisfactory convergence for the 
transverse stress. and those giving the best agreement for the longitudinal 
stress are two-dimensional. One possible interpretation would be that the 
experiments tend to smooth out brutal stress variations; indeed the 
experimental minimum and maximum stresses are strikingly lower in absolute 
value than the corresponding computed quantities. This interpretation is 
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also supported by the fact that in about half the experiments reported 
here, cracks (which of course tend to relax the stresses) were observed 
below the HAZ. 
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Figure 4: Variations of the residuaL transverse stress 
on the pLane of symmetry (Laser beam power: 3100 W) 
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Figure 5: Variations of the residuaL transverse stress 
on the upper surface (laser beam power: 3100·W) 
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Figure 6: Variations of the residual longitudinal stress 
on the plane of symmetry (laser beam power: 3100 W) 
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Figure 7: Variations of the residuaL longitudinal stress 
on the upper surface (laser beam power: 3100 W) 

SECOND SIMULATION 

We now study the case of a slightly higher beam power (3150 W instead of 
3100); since the absorption coefficient strongly increases with tem­
perature, this results in a notably higher heat input and a larger HAZ. The 
aim of this new simulation is to assess the influence of the HAZ size upon 
the residual stresses, and also to perform new comparisons with other 
experiments carried out for this beam power by the incremental hole 
drilling method. 
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Since in the previous case, two-dimensional simulations provided the best 
fit with the experiments, a two-dimensional computation is carried out 
(under a generalized plane strain assumption). The depth of the "ACt line" 
is notably greater than before (2 mm instead of 1.3), as~xpected; however 
Figures 8 and 9, which show the variations of the residual transverse and 
longitudinal stresses halfway along the plate on the symmetry plane, 
exhibit little differences with respect to the case of the lower beam 
power: hence the HAZ size appears to have a relatively minor influence upon 
residual stresses, at least in the range studied. On the other hand, the 
convergence of calculated and measured results is much better than before; 
in particular, the experiments reproduce quite closely the stress peaks in 
compression and tension obtained numerically. Furthermore; though no 
three-dimensional computation was performed for this beam power, it may be 
inferred from the previous simulations that such a computation would result 
in values of the longitudinal stresses in the HAZ lower than those obtained 
here by about 130 MPa; the agreement with experiments would then become 
even better. All this again supports the idea that the somewhat disappoin­
ting convergence observed for the lower beam power should be attributed 
primarily to the experiments, and not the simulations. 
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Figure 8: Variations 01 the residual transverse stress 
on the plane 01 symmetry (laser beam po~er: 3150 W) 

Finally, one should mention that a similar study was carried out very 
recently by Deperrois, as part of his thesis work [11]. Though the mesh 
used was rather crude, the results obtained qualitatively confirmed the 
present ones. Also, a systematic study of the influence ~f the beam power 
and velocity was undertaken, and the agreement of the results with 
experiments was ,encouraging; in particular, the computations confirmed the 
experimental observation that surface stresses can become tensile for very 
large penetration depths. The crudeness of the mesh unfortunately made it 
impossible to numerically optimize the process. 
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Figure 9: Variations of the residuaL LongitudinaL stress 
on the pLane of symmetry (Laser beam power: 3150 W) 
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Summary 

The model for calculating the temperature field in welded ele­
ments is presented. The algorithm is founded on the method of 
elementary heat balances. Melting of electrode rod away and 
melting of parent material and then solidification of molten 
pool are considered. The calculated temperature courses at cha­
racteristic points in welded tubes of rectangular cross-section 
are presented. On the basis of calculated temperature field the 
uniaxial state of stress was determined. The residual stresses 
in welded tubes are shown and the analysis of stresses in tubes 
under the load was carried out. 

Introduction 

Welding is an important process applied in the joining of ele­

ments. It is connected with the use of concentrated powerful 

sources of heat producing melting of elements in the region of 

joint. Each point of the welded element is influenced by the 

thermal cycle, so the process of welding is accompanied by a 

changing in time temperature field. The nonuniform temperature 

field results in generation of residual stresses that remain in 

the material after welding is completed and produces material 

changes in the heat affected zone (HAZ). The material heteroge­

nity and residual stresses have an essential influence on the 

abili ty of welded joints to carry loads and should be taken 

into account in the process of designing. It applies particula­

ry to the carrying elements of machine and devices and such is 

the tube of rectangular cross-section being considered. Tempe­

rature distribution in welded elements depends on the type of 

welding method, its parameters, geometry of elements and their 

thermal properties. The complex phenomena of heat transfer in 

welding result in the fact that numerous simplifying assump-
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tions are made in calculation. This concerns mainly the anali­

tical models [3,4,10]. More accurate solutions are obtained for 

models founded on the finite element method [1,2,6,8]. The me­

thods applied and solutions obtained have been widely descri­

bed and discussed by L.Karlsson [9].However, they do not inclu­

de the phenomenon of material transport from the electrode to 

the joint and the phenomena of generation and then solidifica­

tion of a spot of molten metal. 

In this model the characteristic phenomena accompanying welding 

are thoroughly considered. Therefore, one considers the elec­

trode rod filler metal that melts away and fills the gap bet­

ween the elements being joined. Heat is supplied to the joint 

from the burning arc and from the spot of molten metal. The di­

vision into finite elements can be performed for any arbitrary 

geometry of the joint. By considering the welded tube as a str­

aight prismatic bar being in a varying temperature field, the 

uniaxial state of actual and residual stresses generated by 

welding has been calculated on the basis of the theory of small 

elasto-plastic deformations. 

Algorithm of temperature calculation 

The region Q of a plate being welded is divided into three di­

mensional elements in the form of triangular prisms. Total area 

of triangles is equal to the cross-section area of the element 

being welded in the plane x-y and the sum of heights of ele­

ments of the same bases is equal to the length of the plate. 

For each element the heat balance in successive intervals of 

time is made, as below: 

where: 

T - temperature, 

dV - volume of element, 

dt - interval of time, 

dQ. - heat supplied by element Hi" (i-th element), 
1 

dQ - heat transferred to environment, 
o 

dQz - heat supplied by are, 

c - heat capacity of parent material, 

p - density of parent material. 

( 1 ) 
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Heat dQ supplied by element "i" is determined on the basis 
i 

of Fourier equation: 

where: 

q = _ A aT 
an 

A - thermal conductivity. 

( 2 ) 

Heat dQ transferred to surrounding is determined on the basis 
o 

of Newton equation: 

q = a ( T - To ) 

where: 

a - heat transfer coefficient, 

To - surrounding temperature. 

( 3 ) 

In welding , to the elements being in the region of burning arc 

heat dQz is supplied: 

= ( 4 ) 

where: 

qz - effective output of heat source, 

ry - ry(r2 ) - heat source concentration coefficient. 

By considering heat balance (1) for all elements, the following 

system of equations is obtained: 

[ A ] [ TK+ 1] = [ B (TK) ] ( 5 ) 

where: 

TK - temperature vector for time t = t K, 

TK+l - temperature vector for time t = t + dt. 
K ... l K 

If the temperature field To at the beginning of welding is 

known, on the basis of equation (5), one will get the tempera­

ture fields for successive times. In order to obtain stable so­

lutions, the Cranck-Nicholson differential method was used. In 

the presented algorithm the peculiarity resulting from the MAG 

welding method has been taken into account. It is assumed that 

there is an intensive exchange of heat between the element bor­

ders and gas stream in the region encircled through the gas 

stream. 

Temperature field in welded tubes 

On the basis of the presented model a programme in PASCAL has 
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been written for IBM-PC class computers. This programme has 

then been applied in calculating the temperature field in a we­

lded tube of rectangular cross-section shown in Fig. 1. Tubes 
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Fig.1. The cross-section of the welded tube 

of this profile are used in the gibbets of telescopic car cra­

nes. They are made of low-alloy steel of the following chemical 

composition :C - 0.14, Mn - 0.5, Si - 0.3, Cu - 0.43, Cr - 0.36 

Ni - 0.075, Al - 0.075, Mo - 0.42, V - 0.05, B - 0.002. 

The tube has been welded in the MAG process of the following 

parameters: 

U = 26 [V] I = 260 [A] V = 30 [m/h] 

Because of the symmetry of making welded joints, only one qua­

ter, that is shown in Fig. 1, has been considered. 

The following values of material constants have been used: 

p = 7800 [kg/m5 ] - density, 

L = L*= 27.10 4 [J/kg] - specific heat of melting and solidi-

fication, 

T = T = 1773 [K] 
m I 

- melting and solidification temperat. 

In Table 1 the values of heat conductivity, specific heat and 

coefficient of heat transfer to surrounding used in calcula­

tion, are presented. 

In Fig.2.a-c the temperature field isotherms during the making 

of outside joint (filet weld 1) for times 1.79, 2.2 and 5.0 s 

are presented. In the first case (Fig.2.a) it is seen that the 

process of welding has just started; the weld is not filled yet 
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joint 1 (2.a-c) and joint 2 (2.d-f) at selected times 

97 
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Table 1. 

Temperature versus thermal conductivity, specific heat and 

~oefficient of heat transfer to surrounding. 

T [K] 273 473 673 873 1073 1273 1473 2073 

A [J/W m] 64 56 48 39 36 35 36.4 37 

C [J/kg] 480 500 540 580 620 650 660 660 

a [W/m K] 10 20 30 50 80 120 200 500 

and there is an extensive area of not heated material of tempe­

rature equal to the surrounding temperature. In the second case 

(Fig.2.b) the weld is already well shaped and the cooling pro­

cess starts ; an area of liquid filler metal and melted base 

material (molten pool) is seen. The third case concerns the 

period in which cooling of material happens; the weld is al­

ready congealed and the area of weld neighbourhood is heated. 

Fig.3. The characteristic areas of welded joints obtained 
experimentally and on the base of calculation 

Analogously, in Fig.2.d-f, the temperature field isotherms of 

the joint 2 (filet weld 2) making process are shown. In Fig. 

2.d at time 1.79s , that is just after the welding process is 

started. In Fig.2.e the isotherms after the weld is completed 
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are presented. In the last figure (Fig.2.f) the isotherms for 

time 5s are shown. 

Each point of the welded element is influenced by subsequent 

thermal cycles. In the corner considered, only the thermal cy­

cles connected with making the weld 1 and 2 are essential. Ba­

sed on the calculated temperature field, the area of weld (in­

cluding the fusion zone) has been determined and also the area 

of transformation zone the heat affected zone HAZ and the 

area of not changed parent metal. These areas are shown in 

Fig.3. For the sake of comparison, in the same figure the areas 

obtained experimentally, from the microsection of the joint, 

are marked with an interrupted line. The slightly difference in 

the upper corner in the area of HAZ of joint 1 may results from 

the fact that in welded sample its corner was longer: 15 and 

not 8 mm, as in considered tubes, taken for the calculation. 

The agreement achieved is considered to be good and the calcu­

lated temperature field has been used to determine of the in­

stantaneous and residual stresses in welded tubes. 

Stresses 

By considering the welded tube as a straight prismatic bar be­

ing in a varying temperature field the uniaxial state of actual 

and residual stresses generated by welding has been calculated 

on the basis of the theory of small elasto-plastic deformations 

The Young's modulus E, varying with temperature, was determined 

from the stress-strain curves which were obtained on the basis 

of own tensile tests. The tests also allowed to determine the 

elastic limit, for considered low-alloy-steel of chemical com­

position men~ioned above, as a function of temperature. The ob­

tained values are shown in Table 2. 

Table 2. 

Mechanical properties of considered low-alloy-steel as a func­

tion of temperature. 

T [ K] 293 473 573 673 773 873 973 

E [10- 5 MPa] 2.03 1. 92 1. 81 1. 68 1. 59 1.4 0.51 

Y [MPa] 830 770 730 616 594 400 84 
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The dilatometric tests were carried out and the diagram : rate 

of cooling(u ) - temperature(T) - transformation(T)), was 
800/500 

prepared, where u is a medium rate of cooling for tempe-
eOO/500 

rature interval (T-273) E <800,500>, whereas T) is a unit volume 

fraction of the created phase. The schemat of experimetically 

obtained diagram used in the mechanical model of stresses cal­

culation is presented in Fig.4. Material of the element being 

welded in the heat affected zone after heating (for full trans­

formation T >Ac and T E <Ac ,Ac >for incomplete transfor-
max 3 max 1 3 

mation ) contained austenite in the rate T)" (T)" = 1 for T > 
A A max 

Ac and T)" < 1 for T E <Ac ,Ac » while the remaining part 
3 A max 3 1 

was bainite ( T)"=1-T)" ). which as a product after cooling is a 
B A 

mixture of bainite T)" and martensite T)" arising from austenite, 
B H 

wi th mutual share dependent on cooling rate ueoo/500' The vo-

lume fraction of austenite T)~ while heating was determined by 

Avrami's equation [5] : 

where 

and 

In(l-T)" ) 
Af 

In(l-T)" ) 
As 

) 

n =------------------

" l1 Ae = 

t 
In ( t; ) 

0.01 

b = 

In(l-T)" ) 
As 

( 6 ) 

The volume fraction of bainite and martensite while cooling was 

determined by the analogous formula : 

( 7 ) 

where T T -
t s 

+ ts and Ts T(t s ) = = 
ueoo/500 

Tf = T(t f ) c 
T)s = 0.01 c = 0.99 T)f 
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Fig.4. The rate of cooling - temperature - transformation 
schematic diagram. 

For cooling rate vOOO/500 from interval <1. 5,25> [K/s] we have 

to do with a mixture of bainite and martensite. The volume 

fractionof these structures is suggested as a linear function 

against cooling rate v as shown in Fig.4. Isotropic 
000/500 

strains caused by temperature and by phase transformations were 

determined considering the calculated thermal cycles as well as 

complete and incomplete austenitization. The strains £T were : 

T 
£ = 

ate T-To ) for T € <To,AC t > 

a (Ac -T ) + ryHa (T-Ac ) + ryH(a (T-Ac )-1 ) 
t 10 B1 1 A A 1 A 

for T € <Ac 1 ,Ts > 

a (Ac -T ) + ryHa (T-Ac ) + ryH(a (T-Ac )-1 ) + 
1 to Bt t A A S 1 A 

+ ryH(ryc(l -a (T-T » + ryC(l -a (T-T » + 
ABBB S KKK S 

25 - v 
800/500 

25 - 1. 5 25 - 1. 5 

( 8 ) 
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where: - a coefficient of linear thermal expansion of a 

structure of parent material or a structure achie­

ved in the former thermal cycles of welding. 

aA,aO,al'\ coefficients of linear thermal expansion 

of austenite, bainite and martensite, respectively. 

1 A' 1 0 ' 11'\ transformation strains for transformation 

bainite into austenite, austenite into bainite and 

austenite into martensite, respectively. 

Algorithm for stresses calculation is based upon the formula­

tion of non-isothermal plasticity theory [5,71. The mechani­

cal properties used in calculation are shown in Tabel 2. 

Fig.5. The 'state of axial residual stresses in the welded tube 
a). after filet weld 1 is completed (left) 
b). after filet weld 2 is completed (right) 

In Fig.5 the state of residual stresses in a quater of the tube 

being considerd is presented. Corner of the tube in the area 

near the weld has a significant tensile stress, quite varying. 

Maximal stresses of the value of 700-800 MPa were localized at 

the exterior part of the corner in the area of outer weld. 

These stresses are characterized by a high gradient. 
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I 
~M 

Fig.6. The states of stresses in welded tube under the load (up) 
and after the load is taken off (down) 

Final remarks 

Welded box-tubes are important load carrying elements of con­

struction machines. Designing of such elements should take into 

consideration residual stresses. Calculation of stresses sub­

jected to external loading including internal stresses confirm 

this fact. FQr example, if we load a tube with moment M=2.576 

MNm it will cause elastic states for tube in natural state but 

it will cause elastic-plastic states for welded one. After the 

load in welded tube is taken off appear residual sresses 

different from stresses created by welding (compare Fig.6.). 
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Abstract 

Welding residual stress in a joint is produced as a result of 
thermal elasto-plastic behavior during welding. The source of 
residual stress is incompatible strain, called inherent strain 
in this report, which is composed of shrinkage strain of the 
weld metal, plastic strain in the vicinity of welded zone, etc. 
Based on the characteristics of inherent strain, measurement and 
prediction of three dimensional residual stress have become 
possible using the inherent strain as a parameter. Here, the 
characteristics of inherent strain is described by a simple 
example and the predicting and measuring methods of welding 
residual stress are outlined. 

Introduction 

The welding residual stress is inevitably produced in a welded 

structure. For accurate evaluation of the safety of the 

structure, accurate prediction of the welding residual stress 

is indispensable. Prediction methods of welding residual stress 

may be classi~ied into the following three: (1) thermal elasto­

plastic analysis (theoretical analysis), (2) measurement on 

similar welded joints, and (3) simple formulae based on 

accumulated experimental data and theoretical information. 

From the theoretical viewpoint, thermal elasto-plastic analysis 

[1] is the most general method to predict welding residual 

stress taking account of many influential factors. By this 

method, complex calculation can be performed simulating the 

entire mechanical behavior during welding and the welding 

residual stress is obtained at the end of the calculation. There 

should exist the source to cause the residual stress. 

L. Karlsson, L.-E. Lindgren, M. Jonsson (Eds.) 
Mechanical EfTects of Welding 
IUTAM Symposium Lulea/Sweden 1991 
© Springer-Verlag Berlin Heidelberg 1992 
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Without tracing the entire process of elasto-plastic behavior, 

there exist simple predicting methods [2-4] including simple 

formulae which predict directly welding residual stress, and 

a few [2,3] which are concerned with the source of residual 

stress. However, no papers have proposed methods to determine 

the source, except a series of papers [5-9] published by one 

of the authors. In these papers, the characteristics of the 

source of residual stress was clarified, a method of determining 

the source was presented and several measuring methods of three­

dimensional residual stress in a body were developed using the 

source as a parameter. Later, a new aspect of the characteris­

tics was discovered, and a prediction method of welding residual 

stress [10-12] has been developed. In this method the source 

is also used as a parameter. 

In this paper, the characteristics of the source of welding 

residual stress will be clarified and the predicting and 

measuring methods of welding residual stress developed by 

uSing the source as a parameter will be introduced. 

Characteristics of the Source of Residual Stress 

Generally, the stress contained in a self-balanced body is 

called residual stress. In the body, the source of residual 

stress should exist, which is incompatible strain at room 

temperature and the stress produced by incompatible strain is 

called inherent stress. In this connection, the source of 

residual stress is called here inherent strain. In the case 

of welded jOints, the inherent strain may be composed of many 

components, such as shrinkage strain in the weld metal, plastiC 

strain in the vicinity of the weld line. 

When residual stresses are dealt at a fixed temperature (such 

as room temperature in most cases), inherent strain may be 

regarded as plastic strain. The characteristics of inherent 

strain will be described using such example as a circular 

plate of mild steel in plane stress state. The circular plate 

of R radius is heated up from 0 "C under the following four 

different conditions, assuming that the heating time is very 

short and no heat transfer occurs: 

(1) the entire plate is heated uniformly to T"C; 

(2) a small area inside of RH radius is heated to 100"C and 

cooled down to 0 "C 
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(3) a small area inside of RH radius is heated up to 300 ·C 

and cooled down to 0 ·C ; 

(4) Increasing the radius R, a small area inside of RH radius 

is heated up to 300·C and cooled down to 0 ·C 

In case (I), thermal strain is generated in the entire plate, 

but no thermal stress is produced, since the thermal strain is 

compatible strain. In case (2), as thermal strain is confined 

by the surrounding area of unheated zone, thermal stress is 

produced, since thermal strain is incompatible strain. As the 

behavior is regarded as being elastic in this heating process, 

no residual stress is generated after the plate is cooled down 

to O·C, since the incompatible strain disappears at 0 ·C. In 

case (3), the behavior is elasto-plastic at the heating stage 

because large thermal compressive stress is produced to reach 

the yield stress, and a certain amount of plastic strain is 

generated above this stress according to the maximum tempera­

ture. These thermal strain and plastic strains are incompatible 

strains. Once the plate is cooled down to 0 ·C, the thermal 

strain disappears while the plastic strain remains as incompati­

ble one. Consequently, the plastic strain causes residual 

stress. In case (4), as the size of plate is increased, the 

degree of restraint against thermal strain generated in the 

central small area is also increased and it approaches rapidly 

to that for an infinite plate. Consequently, the magnitude of 

plastic strain generated at the heating stage converges to a 

certain value(Fig.l(a». However, the residual stress distri­

bution varies according to the size of plate(Fig.l(b». 

The pattern of plastic strain distribution is simple and a 

simple relationship between the magnitude of plastic strain 

and radius R should exist. For prediction of the residual stress 

in the circular plate, the thermal elasto-plastic analysis may 

be applied. On the other hand, it can be calculated by elastic 

analysis, imposing the inherent strain to a stress-free plate 

of the same size. The inherent strain should have been obtained 

separately, e'i ther by experiments or theoretical analysis. In 

the case where the size of a square plate is large, its residual 

stress due to the heating condition of case (4) may be calcu­

lated by imposing this inherent strain. This is the basic 

idea of the new prediction method of welding residual stress. 
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Fig.l Distributions of circumferential inherent strain and 
residual stress with respect to the ratio of disk 
radius to heating area radius 
(a) Circumferential inherent strain 
(b) Circumferential residual stress 

Next, consider cutting 

stress into two parts. 

a circular plate containing the residual 

By the cutting, redistribution of the 

residual stress should occur due to release of the stress acting 

on the cutting surfaces. If the cutting procedure is well 

chosen, the behavior of the plate during the cutting should be 

elastic and inherent strain does not change. The new residual 

stress distribution in each part can be computed by applying 

the released stress on the cutting surfaces in the opposite 

direction .. In contrast with this, if the unchanged inherent 

strain is imposed in each part of the plate, the entire residual 

stress distribution can be computed. Inversely, the residual 

stress in each part of the plate may be measured and the 

inherent Strain may be computed by solving conversely the 

relationship between inherent strain and residual stress. 

The inherent strain in the entire plate is composed of the 

inherent strains in the two separate parts. If the entire strain 

is imposed to the original stress-free circular plate, the 

original residual stress is reproduced. In a case of a welded 

joint, the joint may be separated into such pieces as being thin 

plates, etc. whose residual stresses can be easily observed. 

From the observed stresses, the inherent strain distribution 

in each piece may be obtained and the entire distribution of 

welding residual stresses can be computed by applying the entire 
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distribution of the inherent strain to the stress-free welded 

joint. This is a basic procedure of measurement of welding 

residual stress using inherent strain as a parameter. 

In this above, the characteristics of inherent strain was 

described using a simple example and the new approaches for 

prediction and measurement of welding residual stress were 

outlined. Although details of the basic approaches are described 

in the original papers, these will be demonstrated using actual 

welded joints in the following sections. 

Relationship between Inherent Strain and Welding Residual 

Stress[5-9] 

The inherent strain {& O} in a welded joint is produced only 

in the limited region near the welds. However, welding residual 

stress {o } (or elastic strain (& }) due to the inherent strain 

is produced over the whole plate. This relation is expressed 

in the following equations. 

where, 

{& } = 

{o } = 

[D 

[H 0 ] 

HO]{&O} 

D {& } 

Stress-strain matrix, 

Elastic response matrix. 

(1) 

(2) 

The finite element method is used for practical problems. 

The number of finite elements in which the inherent strain is 

produced is assumed to be m. The number of finite elements in 

the whole joint is n (> m). 

In order to determine the inherent strains, . Eq.(l) is necessary 

to be solved conversely giving known strains of {&} more 

than m. When elastic strain {& } is determined by measurement, 

it may contain various errors. According to the condition which 

minimize the sum of the square of residual, the most probable 

value of inherent strain {& O} is calculated from the following 

equation. 

{& O} = ([ HOp [ H 0 ])- 1 [ HOP { & } (3) 

Substituting (& oJ into Eq.(2), the most probable value of 

welding residual stress 

jOint can be obtained. 

{o} at arbitrary positions of the 
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{o} = [D ][ HO] {&O} (2' ) 

Predicting Method of Welding Residual Stress[lO-12] 

In this chapter, the characteristics of the source of welding 

residual stress generated in a butt joint of plates is studied. 

It will be shown that the source distributes in a simple form 

along the weld line and is almost independent of. the size of 

the joint for the specified material and welding condition if 

it is sufficiently large. Concerning the general theory of 

predicting welding residual stress using inherent strain as a 

parameter, the details is described in the original reference 

[5-9]. In the new predicting method, the elastic analysis 

is only necessary on a stress-free plate imposing the above 

mentioned source of residual stress, which should have been 

known either experimentally or theoretically. 

Inherent Strain Distribution in Butt Welded Joint 

In this study, a butt welded joint of thin plate subjected to 

a moving heat source is adopted as the analysis model(Fig.2), 

and the length, width and thickness of the welded plate are 

denoted by 2L, 2B and h(=6mm: constant), respectively. The CO2 

gas shielded arc welding is applied in which electric current 

I=180(A), voltage V=20(V), welding speed v=30(m/h), and the heat 

efficiency n =75 % is assumed. This heat-input corresponds to 

Q=900(J/mm) for the instantaneous plane heat source. 

y 

1 
.1!, 

a x 

B 

I 
2L 

Fig.2 Model of butt welded joint for analysis 



www.manaraa.com

111 

The thermal elasto-plastic analysis by the finite element method 

is performed using the temperature dependent physical and 
mechanical properties of the material shown in reference [10-13] 
and assuming that the material is mild steel and the model is in 

plane stress state. 
The first analysis is performed on model MO(2L=1200, 2B=1000) in 
cooperation with thermal conduction analysis. Using the obtained 
elastic strain for {e } of Eq.(3), the distribution of inherent 
strain {& '}={& x', & V', e xv'}T is computed and shown by solid 
lines in Fig.3. The shearing component of inherent strain,e xv', 

is.only produced near the end of the plate. 

Neglecting & xv', for simplici ty, the inherent strain is 

calculated as { e'} = {e x·, e v·, OF. This result is also 
represented by a dotted line in Fig.3. 

CO (,.) 

.---------------------~ 

0000 

4000 

Standard model HO 

_ ft·) ;t h:::,cY.£:y} T 
--- Cc·);t £I::.£Y. 0 )T 

Yf b = 34 om 

o r------=~--------------~~ r7-----~ 

Vc: 
-4000 

at x· 0 

100 200 300 400 500 600 0 100 
x (nun) Y (on) 

Fig.3 Inherent strain distribution of ex', e v· and ex .. 

The entire di'stributions of {e'} are illustrated in Fig.4. 
It is found that & X" exists in a narrow width spanning the 
weld line up to y=34 mm. Furthermore, the distribution of & x· 
along the direction of welding is the same at each cross-section 
except near the ends of the plate and the distribution of & v 

exists only i'n the vicini ties of the two ends and is in a 
parabola along the weld line. 

In order to confirm the accuracy of reproduction of welding 
residual stress by the inherent strain {& '} ={ & x', &,,',0 }T, 
welding residual stress is computed by the elastic analysis 
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Ey 

y 

(b) Transvers:e~c:om::p:o:n:e:n~t::::~~::::::::::~~~ 
Fig.4 Schematic representations of inherent strain distributions 

imposing to model MO in stress-free state. This welding residual 

stress is almost coincident with that of the thermal elasto­

plastic analysis. 

Under the welding condition mentioned before, the thermal 

elasto-plastic analysis is performed on the five models and 

the inherent strain in each model is computed. The inherent 

strains are represented in Figs.S(a) and (b). 
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In the case where the width 8 of the plate is sufficiently 

large (8~ 300mm) to the specified heat input, the distribution 

of the inherent strain £. x' is almost independent of the 

dimensions of the plate. On the other hand, Fig.5(b) shows that 

the magnitude and distribution of the inherent strains(including 

£. x' and £.~') near the free ends of the five models are nearly 

the same in spite of different sizes of the plates. 

Figure 6 shows the distribution of residual stress a x at the 

cross section x=300 mm of model MO analyzed by using the corres­

ponding inherent strains shown in Fig.4. The distributions of 

stress a x I and a x" are calculated by using £. x' and £. y' 

separately. It should be noted that £. x produces fundamental 

distribution of ax and £. ~ influences the inclination of 

compressive part of ax near the ends. 

ax (MrP_a) ________________ -. 

Standard model MO 

400 (alx-Oom) 

300 

200 

100 

-: c; only 
_.-: c; only 

o t-o_o_. 

-
-100 L-~~~~~~~~'--' 

o 100 200 300 400 500 
y(nm) 

Fig.6 Stresses produced by £. x and £. ~ 

In actual plate structures, such as ships, the length of 

plate is long enough in comparison with the width so that the 

important component of residual stress is a x caused by £. x' 

which distrib1;ltes nearly in a trapezoidal form in transverse 

cross section(Fig.7). Such distribution was determined theoreti­

cally [11,12], assuming that heat input is provided to the weld 

line instantaneously so that the displacement along the cross 

section is uniform (dux/dy=O) except near the free ends. 

The width b of inherent strain zone and its magnitude £: x in 

the mechanical heat-affected zone (O~ y ~YH) are expressed as, 
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b = ~ b 0 

£ x' = ~ a YW IE 

a E Q b 0=0.242 cp h a YB 

£; / (;.,w 

-1.5 

-1.0 

-0.5 

o 
If 

0.5 

b 

Distance from weld line 

Y(II .. ) 

-. £z 

o 

Fig.7 Idealized distribution of & x' 

(4) 

(5) 

(6) 

where ~ is the normalized width of inherent strain zone with 
respect to bo which is the width for an infinitive width of a 
plate. ~ is the normalized magnitude of inherent strain. a YB 

and a YW are the yield stresses of the base plate and the weld 
metal, and E, a, c and p are Young's modulus, linear thermal 
expansion coefficient, specific heat and density respectively. 

In the above expressions, ~ and ~ are given by complex 
equations. 'However, the following simple formulae were derived. 

~ ..- 1- O.::;Pa E Tov 
""T a Y B 

~ ..- 1+ 0.27a E Tov 
""T a Y B I (7) 

where, Q 
Tav -2cp h B (8) 

These can be applied to the yield stress a Y B which varies 
from 230 MPa to 430 MPa. 

In Fig.8, using the same material properties, the widths band 
magnitudes £ x' of the inherent strains for different values of 
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T. v calculated by Eq.(7) are shown by lines and those obtained 

for a moving heat source by the thermal elasto-plastic analysis 

are plotted by solid circles. It is recognized that the two 

results have good agreement with each other. This indicates that 

the Eq.(7) are applicable not only to instantaneous heat source, 

but also to moving heat source, provided that the effective heat 

input is chosen to be the same in both cases. 

1.0 

0.8 

0.6 

0.4 

0 

b(rrrn) ~ £~ xl 0"2 

Q.=900(J/nvn) 
60 Q.=9OO(J/rrrn) 

-1.6 v-3(mn/sec.) ·0.35 
v=3(rrrn/sec.) 

h=6(nvn) 50 h=6(mn) 

-1.4 -0.30 

40 

-1.2 
-0.25 

30 

-1.0 . rEM • FEM -0.20 20 

- Eq.(7) -0.8 
- Eq.(7) 

10 -0.15 

-0.6 

1 J 
50 100 150 200 50 100 150 200 

Tav(OC) Tav(DC) 

Fig.8 Width and magnitude of idealized distribution of e 
by FEM and Eq.(7) 

The estimated residual stress distributions in the middle cross­

sections of six butt welded plates with different widths and 

lengths by the proposed method are shown in Fig.9 using several 

different marks. The residual stresses in the respective plates 

by thermal elasto-plastic analysis are also plotted in Fig. 9 

using lines. It is observed that the residual stresses in the 

butt welded plates with different aspect ratio LIB can be 

predicted accurately by the proposed method, provided that an 

inherent strain distribution in some butt welded plate had been 

known correctly from experiment or literature to calibrate the 

absolute values of b o and £ x' in the mechanical heat-affected 

zone. 
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Fig.9 Welding residual stresses by FEM and the predicting method 

New Measuring Method of Three-dimensional Residual Stresses[5-9] 

In the new measuring methods, the effective inherent strains 

are estimated and residual stresses are calculated by imposing 

these effective inherent strains to the object in stress-free 

state. That is, residual stresses are measured using these 

inherent strains as parameters. 

The object of measurement is uniformly distributed three­

dimensional residual stresses produced in a long welded joint as 

shown in Fig.IO(a). The source of residual stress (the inherent 

strain) is also uniform along the longitudinal axis except 

near the ends and symmetric with respect to the middle cross­

section(x=G). Then, the whole effective three-dimensional 

inherent strain { I> *} is the function of the cross-sectional 

coordinates (x,y). Taking full advantage of this distribution, 

{ I> *} can be separated into two groups: the longitudinal 

inherent strain { I> 1 *}= {I> x * }, and the cross-sectional one 

{ I> c'}= tl> ,,', 1>. y ".'}. This enables us to simplify the 

measurement of residual stresses. 

In order to estimate these inherent strains separately, thin 

plates: one Specimen T and several Specimens L are cut out from 

the original Specimen R according to L. method [6,9] (Fig.IO). 

Specimen T is perpendicular and Specimens L is parallel to 

x-axis. For this process, the following assumptions are made. 
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(1) Cutting is accompanied by only elastic change of strain 

and does not produce any new plastic strain, that is, the 

inherent strain is not influenced by cutting. 

(2) In a thinly sliced plate, inherent strain component being 

perpendicular to the section does not produce any stress. 

That is, in a thin plate, stress in the plane stress state 

are produced by only inherent strain component in that 

plane. 

( DIRECTION 
OF WELDING) 

(a) Experimental model of rulti-pass welded joint ( R-!'>pecimen ) 

& ~---------------

L. 
L, 

Ll 

(b) Sliced cross section l. 
in the "",ld line 
( T ~specimen ) (e) Sliced plates, paralJel to 

xy.plane ( t.i '!'rcd~n ) 

Fig.l0 Experimental model and procedure of slicing 
Specimens T and L, 

Separation of Three-dimensional Inherent Strain Components 

The inherent strain distributions in Specimens T and L are the 

same as that in Specimen R, since the cutting is made to satisfy 

assumption (1). & x being perpendicular to the cross section 

does not produce stress (assumption (2» in Specimen T. 

Therefore, the source of residual stress remaining in Specimen 

T is the cross-sectional inherent strain {& CO}. 

Next, I> z' being perpendicular to the section does not produce 

stress in Specimens L from assumption (2). & ~. distributes 
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uniformly in the longitudinal direction of Specimens L. For 

this reason , stress by 1>" is released when Specimens L is 

cut out from Specimen R, and 1>,,' just expands or shrinks 

uniformly along the breadth. Accordingly, the source of the 

residual stress remaining in Specimens L is only I> x'. Three­

dimensional inherent strain can thus be separated into the 

cross-sectional inherent strain { I> c'} in Specimen T and the 

axial one { I> • } in Specimens L. 

Then they can be estimated by the measurement of two-dimensional 

stresses remaining in Specimens T and L respectively. By this 

procedure, the measurement of three-dimensional residual stress 

is reduced into that of two-dimensional one. 

Therefore, the three-dimensional residual stresses {a } produced 

in Specimen R can be obtained as the sum of the stress {a A} 

produced by the cross-sectional inherent strain { I> c'} and 

stress {a B} by the longitudinal inherent strain { I> ,*}. 

{a } 

The actual measuring method and the 

dimensional residual stress components, 

described below. 

(9 ) 

procedure of three­

{a A} and {a B}, are 

Three-dimensional Residual Stress, {a A}, by Cross-sectional 

Inherent Strain, {I> c'} 

As the cross-sectional inherent strain distribute uniformly 

along the. longitudinal axis, the three-dimensional residual 

stress component {a A} is in the plane strain state in specimen 

R. This is proven in [9]. The outline of the proof is as 

follows: The resul tant stresses (normal force and moments) in 

plane strain perpendicular to the cross-section are expressed 

by a product of v /(l-v Z) and those in plane stress, which must 

vanish since the stresses are self-equilibrating. In contrast 

with this, the stress remaining in the thinly sliced Specimen 

T cut out from Specimen R, {a AD}, is in the plane stress state, 

and can be directly observed by the stress relaxation method. 

Using the following equations, Eq.(3), directly observed {o AD } 

can be converted into the stress {o A} in the plane strain 

state. As a result, three-dimensional residual stress component 

{ 0 A} can be obtained without estimating inherent strains. 
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a z" a z" 0 / (1- 1J 2 ) (10) 

~ .. 0 
~ .. z = 0 

where, 1J : Poisson's ratio. 

Three-dimensional Residual Stress, {a B}, by Longitudinal 

Inherent Strain, {& .'} 

For the measurement of {a B}, Specimens L are cut out from 

Specimen R as shown in Fig.lO. Elastic strain remaining in 

each Specimens L can be observed when each Specimen L is 

sectioned into pieces in parallel to the longitudinal axis as 

depicted by the broken lines. 

Using the relation between residual stress (strain) and inherent 

strain, the inherent strain distribution in each Specimen L can 

be determined. The entire distribution is composed of each ones. 

The residual stress { a B} can be calculated by imposing the 

entire distribution of {& *} on the stress-free specimen R. 

Actual Measurements of Three-dimensional Residual Stress Distri­

butions in Welded Joint 

The material of Specimen R was mild steel and its initial 

residual stresses before welding were removed by stress relief 

annealing. Using submerged arc welding(current: 650A, voltage: 

35V, welding velocity: 42cm/min.), Specimen R was made by multi­

pass butt welding whose passes were accumulated from the bottom 

to the top of the specimen. The length, width and thickness of 

the specimen are L=200mm, B=200mm and t=50mm, respectively. 

One Specimen T and four Specimens L were cut out from Specimen 

R. The thickness of these sliced plates was 10mm. The length 

of each Specimen L, ~ , was 70mm. 

SR-4 gages with a gage length of 2mm were used. They were 

attached in pairs on both faces of the sliced plates which were 

Specimens T and L and the mean value of each pair of the ob­

served strains was regarded the observed strain at the point. 

According to the new measuring methods, three-dimensional 

residual stress {a} was obtained as the sum of residual stress 
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components {O A} and {O B} respecti vely. The resul ts are shown 

in Figs .11 and 12 in which "0" and " ." indicate three­
dimensional residual stresses directly observed by the check 
gages on the surface of Specimen R. The measured values and 
directly observed values are shown a good coincidence. Figure 12 
represents the estimated welding residual stresses on the 
cross section of the joint. 

Conclusion 

The characteristics of inherent strain produced by welding was 
described. The new predicting method and measuring method of 
welding residual stress were introduced, in which, inherent 
strains are dealt as parameters. The new methods were developed 
without any approximation except the basic assumptions based 
on the theory of elasticity. Using these methods, the actual 

( kg/ ... • ) (kg/ ... • ) 
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-: THIS METHOD 

o .: DIRECT MEAS· 
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Fig.ll Welding residual stresses on the top and bottom 
surfaces in the middle of weld line 
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Fig.12 Estimated welding residual stresses on the cross 
section(x=O) 
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prediction and measurement of residual stresses produced in 

welded joints were performed and the practicality of these new 

methods and the validity of the theories were shown. 
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Residual Stress Distributions After Welding 
as a Consequence of the Combined Effect of Physical, 
Metallurgical and Mechanical Sources 

Th. Nitschke-Pagel, University Gh Kassel 

H. Wohlfahrt, Technical University of Braunschweig, Germany 

1. Introduction 

As preceding papers 11-111 pointed out various sources contribute to the residual stress state after 
welding and therefore extremely different residual stress patterns can arise as a consequence of wel­
ding. The aim of this paper is 

• to clarify the conditions for the predominance of one or the other of the residual stress ge­
nerating processes, 

• to show how these processes interact and thus 

• to explain the influence of the type of the base material and the filler material and of welding 
parameters as heat Input, vvelding velocity and cooling conditions on typical residual stress 
distributions after welding 

2. Different sources of residual stressses 

2.1 Shrinkage stresses 

The longitudinal shrinkage of highly heated areas is hindered by the colder and therefore less or not 
shrinking areas. If this hindered shrinkage of the highly heated areas would be the only stress genera­
ting process - or at least the dominating process - it would result in longitudinal tensile residual stres­
ses in the weld, which would be compensated by compressive residual stresses in areas which are 
more remote from the weld seam. The magnitudes of the residual stresses due to the hindered shrin­
kage depend upon the degree of restraint. Only in connection with a strong restraint the tensile residual 
stresses can reach maximum magnitudes in the range of the yield strength. 

At the end of the weld seam the longitudinal residual stresses must become zero and that is to say: 
the longitudinal residual stresses must show an inhomogeneous distribution along the weld seam. The­
refore the transverse strains which are a consequence of the longitudinal residual stresses become al­
so inhomogeneous along the weld seam indicating a hindered contraction in the transverse direction 
and resulting in transvprse residual stresses of relatively small magnitudes - if shrinkage in the trans­
verse direction is not hindered. The residual stress profiles as shown in Fig. 1 generated only by hinde­
red shrinkage are typical for weldments in materials without phase transformations during welding and 
for soft soldered jOints. In welding practice however. shrinkage in the transverse direction is hindered 
nearly always by external conditions - for instance during cooling of the last passes of each multilayer 
weldment. Then the tensile transverse residual stresses can reach the same magnitude as the longitu­
dinal residual stresses. Maximum tensile residual stresses in the transverse direction are inevitably pro­
duced if broad weld gaps are clamped together by mechanical means. The mechanical stresses which 

L. Karlsson, L.-E. Lindgren, M. Jonsson (Eds.) 
Mechanical Effects of Welding 
IUTAM Symposium Luleil/Sweden 1991 
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are necessary to bring together the abutting edges will be fixed within the structure after solidification, 
cooling down of the weld seam and removal of the constraint. In order to eliminate this additional 
stress source it is necessary to avoid the occurence of broad weld gaps by a good programme for the 
welding sequence combined with intermediate straightening if necessary. 

2.2 Transformation stresses 

The transformation of austenite, which occurs only in sufficiently high heated areas of welments or 
hard soldered joints, is connected with a volume expansion of the transforming areas, which is hinde­
red in the longitudinal direction by the colder not transformating areas. The extent of the volume ex­
pansion depends upon whether the transformation results in a ferritic-pearlitic, bainitic or martensitic 
structure. If the phase transformation would be the only stress generating process - or at least the do­
minating one - the hindered dilatation would result in longitudinal compressive residual stresses in the 
transforming areas which must be compensated by tensile residual stresses in areas which are more 
remote from the transforming zone. 

2.3 Model considerations on the interaction of shrinkage and transformation stresses 

As reported in some foregoing papers (6-11) a realistic model on the formation of residual stresses as 
a consequence of welding has to take into account the interaction of shrinkage stresses and transfor­
mation stresses during cooling down of the weld seam. Whereas shrinkage occurs during the whole 
cooling process, the phase transformation occurs only in a temperature range. In order to understand 
the consequences of both stress generating processes model considerations are helpful, which sim­
plify the complex real processes but which are able to highlight the most important influences on sign, 
magnitude and distribution of the resulting residual stresses. Such model considerations are presented 
in the following. 

It depends upon the temperature-time curve during cooling and on the TTT -diagram of the steel whe­
ther austenite transforms to ferrite and pearlite in a relatively high and wide temperature range or the 
austenite transforms to bainite or martensite in a much lower and narrower temperature range. The 
stress-temperature diagram in Fig. 2 describes schematically the consequences of austenite transfor­
mations within different temperature ranges for the evolution of stresses in the weld seam during the 
cooling process and for the final residual stress state. The thick drawn lines of the diagram indicate the 
stresses which would originate in a simultaneously transforming zone as a function of the temperature. 
The thin straight lines illustrate schematically the yield strength of ferrite with pearlite and of bainite un­
der tension and under compression as a function of the temperature. For the purpose of a clear repre­
sentation of the main features the diagram is based on the following simplifying assumptions: a linear 
relationship betWeen yield strength and temperature is supposed and Young's modulus E as well as the 
coefficient of thermal expansion a is taken to be independent of the temperature, resulting in linear re­
lationships between stresses and temperature. 

The diagram should be read from high to low temperatures. At high temperatures tensile stresses arise 
in the shrinking austenite which increase with decreasing temperature corresponding to the increasing 
yield strength of the austenite. The development of the tensile stresses is interrupted for instance in the 
temperature range of the transformation to ferrite with pearlite ( example 1 ) or in the temperature ran­
ge of a bainitic or a martensitic transformation ( example 2 and 3 ). As a consequence of the hindered 
volume expansion connected with the phase transformation compressive stresses arise in the transfor­
ming zone. The compressive stresses are limited by the hot yield strength under compression of the re­
sulting ferritic-pearlitic structure in example 1. In the case of a martensitic transformation ( example 2 
and 3 ) it is assumed that the resulting compressive stresses do not reach the relatively high hot yield 
strength of the bainite or the martensite. 
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After completion of the transformation the shrinkage of the transformed zones becomes again visible in 
the diagram as a decrease of the compressive stresses. During this period of the cooling process the 
slope of the stress-temperature line is proportional to E and a of the resulting structure and to the re­
straint of the welded joint. The stresses can change their sign again and even reach the hot yield 
strength under tension, if the transformation occurs at relatively high temperatures. Then tensile resi­
dual stresses of the magnitude of the yield strength should remain in the transformed zone after coa­
ling down to room temperature - despite the occurence of the phase transformation. But, as can be 
seen clearly in the diagram, in the case of a transformation at relatively low temperatures, for instance a 
transformation to bainite, either low tensile residuai stresses or even compressive residuai stresses ( ex 
ample 2 and 3 ) should arise in the transformed zone. The magnitude of the resulting tensile residual 
stresses is lower and the magnitude of the resulting compressive residual stresses is higher the lower 
the transformation temperature is. 

According to this model-type consideration an influence of the phase transformation on magnitude or 
sign of the residual stresses can exist only if the transformation occurs in a sufficiently low temperature 
range. Then the temporary tumover of stresses into the compressive range, which is connected with 
the volume expansion, can remain effective and can be more effective the lower the temperature range 
of the transformation is. 

The consequences of austenite transformations at higher or lower temperatures and of additional shrin­
kage for the entire distributions of transverse and longitudinal residual stresses after welding shall be 
described in principle in the following. For this purpose Fig. 3 shows a schematical diagram of the dis­
tributions of transverse stresses immediately after the phase transformation and also after another peri­
od of cooling and shrinkage under the assumption that shrinkage respectively expansion is hindered in 
the transverse direction. Fig 4 is the corresponding diagram of the longitudinal stresses.The diagrams 
represent the situation of a high heat input and consequently a relatively wide weld seam and heat af­
fected zone. Then the cooling rate is relatively low and the transformation of austenite occurs in a rela­
tively high temperature range. As illustrated by the dashed line 1 in Fig. 3 immediately after the austeni­
te transformation transverse compressive stresses exist over a width which is distinctly broader than 
the transforming zone. After completion of the transformation shrinkage occurs mainly in a narrow zone 
on both sides of the weld centre line which shows still a high temperature. Thus the shrinkage process 
during further cooling results in a new stress peak which grows from the compressive stress level near 
the weld centre line. After an austenite transformation at a relatively high temperature shrinkage can be 
very effective and therefore the new stress peak can reach the tensile range ( dash-dotted line 2 ) and 
finally a high tensile value close to the yield strength ( fully drawn line 3 ). A lower heat input is con­
nected with a narrower weld seam, a narrower transforming zone, a lower temperature of the austenite 
transformation and consequently with a sharper residual stress peak of a lower magnitude in the tensile 
range or even in the compressive range. 

The dashed line 1 in' Fig. 4 indicates that during the transformation of austenite compressive stresses 
are also produced in the longitudinal direction, but in contrast to the transverse stresses only within the 
transforming zone. In adjacent zones beyond the transforming zone tensile stresses arise due to equili­
brium reasons. Shrinkage after the phase transformation is mainly cO[1centrated on a zone close to the 
weld centre line and changes the stress distribution in the way that a tensile stress peak grows near 
the weld centre line and for equilibrium reasons compressive ··peaks·· arise on both sides of the tensile 
peak ( dash-dotted line 2 ). In connection with a high heat input respectively a high temperature range 
of the austenite transformation a high peak of tensile residual stresses at the weld centre line has to be 
anticipated ( fully drawn line 3 ). With a lower heat input and hence a lower temperature of the austenite 
transformation the magnitude of the tensile residual stress peak should also become lower and combi­
ned with a very small heat input compressive residual stresses have to be anticipated in the longitudi­
nal direction in the narrow weld seam. In connection with any heat input the tensile stress maxima on 
both sides of the tran,sforming area remain finally present as a typical consequence of the phase trans~ 
formation. 

The conclusion from the described model considerations is that the temperature range of the austenite 
transformation has the dominating Influence on the formation of residual stresses due to welding and 
therefore that all welding and material parameters which have an influence on this temperature range 
are also influencing the residual stress distributions after welding. Consequently, on one side all para-
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meters with an influence on the cooling rate respectively the cooling time between 8000 C and 5000 C, 
for instance heat input - and hence welding current, welding speed and preheating temperature - or weld 
seam geometry, are influencing the residual stress pattem. On the other side the chemical composition of 
the base and filler materials in connection with the type of the TIT -diagram and their yield strength and 
hot yield strength are determining parameters for the formation of welding residual stresses. Experimental 
results on the influence of all these parameters on sign, magnitude and distribution of residual stresses after 
welding shall be presented and discussed in the following sections. 

3. Experimental procedure 

The aim of the investigations which are described was to check systematically the influence of heat in­
put variations on the residual stress state of steels with different TTT -diagrams and different yield 
strength values. Therefore widely varying heat input values - either realized by different welding cur­
rents and voltages or by different preheating temperatures - were used for pulsed arc TIG-welding or 
for producing a strip of molten metal ( dummy seam) with the TIG-torch on one side of the 10 mm 
thick sheets. In the dummy seams transverse stresses can be appreciable as the depth of the weld 
pool is smaller than the sheet thickness and transverse shrinkage of the heated strip is externally hin­
dered therefore. Furthermore dummy welds exclude the disturbing effect of mixing of filler and base 
materials. As a consequence dummy welds have the advantage to show the influence of the heat input 
on the residual stress state and the differences in the residual stress distributions of steels with diffe­
rent TTT -diagrams more clearly than real. weldments. Therefore in the following residual stress distri­
butions of dummy seams are mainly reported in order to show clearly the above discussed effects. Re­
sults of real weldments offer additional information how the residual stress distributions have to be mo­
dified if different filler materials - for instance filler materials with an extremely high yield strength in 
comparison with the base material - are used. 

The exact cemical composition of the different structural steels St 52-3, StE 690 and StE 890 which 
have been used as base materials in the investigation is registered in /121. Filler materials with the 
same chemical composition as well as with a different chemical composition have been chosen for the 
various weldments. The welding parameters of the pulsed arc TIG-weldments with different heat input 
values and further experimental details about the heat treatment of the sheets before welding, about 
the residual stress measurements by means of X-ray diffraction using Chromium K -radiation and 
about the measurements of the temperature-cooling time curves are also described in 112/. 

4. Experimental results 

The temperature-cooling time curves which have been measured for different welding heat input va­
lues H per unit length and for different preheating temperatures Tp are included in the TTT-diagram of 
the structural steel StE 690 in Fig. 5. As one can see from the temperature-cooling time curves with 
numbers 1 to 5 variations of the welding heat input per unit length, by means of current and voltage va­
riation, and variations of the preheating temperatures have an influence on the cooling time with the sa­
me tendency: that is to say, the cooling curves for both kinds of parameter variation can be brought in 
one row. The temperature of the beginning of the austenite transformation increases from cooling curve 
1 to cooling curve 5. 

The experimental results in Fig. 6 and Fig. 7 illustrate the influence of a different heat input respectively 
of different transformation temperatures on the distributions of transverse and longitudinal residual 
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stresses around dummy seams in sheets of the structural steel 5tE 690. These residual stress distribu­
tions verify the tendencies which are expressed in the schematical representations of Fig. 3 and Fig. 4. 
The residual stresses have been measured at the marked points on both sides of the weld centre line. 
In each case the stress distribution is completed as a dashed curve on one side under the assumption 
of symmetry to the weld centre line. 

After welding with a small heat input the cooling rate is relatively high and hence the transformation 
temperature low. It can be concluded, for instance from hardness values, that in connection with a heat 
input per unit length of H - 2.88 kJIcm 100 % of the austenite transforms into martensite, that is to 
say the transformation occurs completely below 460 D C. Consequently the transformation stresses are 
dominating and compressive residual stresses with a maximum magnitude of 120 Nlmm2 at the weld 
centre line can be found in the narrow transformed zone within the transverse residual stress field ( fully 
drawn line in Fig. 6 ).If the heat input increases to 5.82 kJ/cm the austenite begins to transform at 
510 D C and at 440D C - after a transformation of only 20 % of the structure into bainite - martensite 
begins to form ( cooling curve l' in Fig. 5 ). Under these welding and cooling conditions the transformed 
zone widens and shrinkage which occurs in the weld zone after the transformation of austenite gets a 
bit more influence on the residual stress state. As a consequence a new stress peak evolves near the 
weld centre line within the zone of compressive transverse residual stresses ( dashed curve in Fig.6 ). 
This stress peak remains just below the tensile range and the measured distribution of the transverse 
residual stresses is in principal agreement with the residual stress distribution of curve 2 of the model 
consideration in Fig. 3. In connection with a heat input per unit length of 5.82 kJlcm the distribution of 
the longitudinal residual stresses shows exclusively compressive stresses, within the transformed zone 
without an additional stress peak ( fully drawn curve in Fig. 7). However after welding with a heat input 
per unit length of 5.82 kJ/cm connected with preheating at 150D C ( cooling curve 2 in Fig. 5 ) an addi­
tional stress peak with a relatively low magnitude in the tensile range could be observed at the weld 
centre line. This stress distribution ( dashed curve in Fig. 7 ) is in full agreement with curve 2 of the mo­
del considerations in Fig. 4. The cooling curve 2 in Fig. 5 indicates that under this cooling condition the 
austenite begins to transform at 530° C and at 4200 C 40 % of the austenite are transformed into bai­
nite. 

After welding with the heat input per unit length of 5.82 kJ/cm without preheating and with preheating 
relatively high tensile residual stresses have been observed in a larger distance on both sides of the 
weld centre line. These tensile stress maxima are a consequence of the volume expansion in the trans­
forming areas in the longitudinal direction as described in the model considerations and illustrated 
schematically in Fig. 4. 

In connection with the high heat input of 19.80 kJlcm, corresponding to cooling curve 4 in Fig. 5, the 
transformation of austenite begins at 5700 C and at 390D C 85 % of the structure is transformed into 
bainite. The dominating shrinkage process results then in a very high tensile peak of the residual stres­
ses at the weld centre line - within the distribution of the transverse residual stresses (dash-dotted 
curve in Fig. 6) as well as of the longitudinal residual stresses ( dash-dotted curve in Fig. 7 ). The ma­
gnitude of these stress peaks - 650 N/mm2 respectively 600 N/mm2 - reach nearly to the yield 
strength of the steel in the bainitic state. The remainders of the transformation induced transverse com­
pressive stresses are found in a relatively big distance from the weld centre line ( dash-dotted curve in 
Fig. 6 ) and the transformation induced longitudinal tensile stress maxima are clearly visible in a distan­
ce from the weld centre line which is only insignificantly larger ( dash-dotted curve in Fig. 7 ). It seems 
plausible, that the magnitudes of the transformation induced tensile stress maxima increase with an in­
creasing transforming volume, that is to say with an increasing heat input of the welding process. In the 
transverse direction the volume expansion during the transformation of austenite does not result in an 
elongation of adjacent, not transforming zones, but in a compression of these zones. Therefore no 
transformation induced tensile stress maxima can exist within the distributions of transverse residual 
stresses. 

The following figures show examples for the distributions of transverse or longitudinal stresses in 
sheets of the steels 5t 52-3 and StE 890 with a dummy seam. In comparison with the equivalent resi­
dual stress distributions in sheets of the steel 5tE 690 one can see modifications which are typical for 
the altered chemical compositions respectively the altered TTT -diagrams or yield strength values. 
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Fig. 8 displays distributions of transverse residual stresses in sheets of the structural steel St 52-3 in 
which dummy seams have been produced with a heat input per unit length of 5.82 kJ/cm or 19.80 kJI 
cm. According to the TIT-diagram of this steel and the cooling curve after welding with the lower heat 
input per unit length the transformation of austenite to bainite starts at a temperature of 4400 C and the 
subsequent formation of martensite is finished at nearly 2700 C. In connection with such low transfor­
mation temperatures the transformation stresses predominate even more than after welding of a dum­
my seam in a sheet of the steel StE 690 with the same heat input per unit length. Shrinkage after the 
austenite transformation can produce only a very weak peak within the zone with compressive residual 
stresses with a maximum magnitude of 250 N/mm2 ( fully drawn curve in Fig. 8 ). After welding with the 
high heat input of 19.80 kJ/cm 90 % of the austenite transform into bainite in the temperature range 
between 6300 C and 4800 C. Therefore shrinkage stresses become predominant and in a clear contrast 
to the residual stress distribution in connection with the lower heat input of 5.82 kJ/cm, but in principal 
agreement with the equivalent result for the steel StE 690, a relatively high tensile stress maximum ap­
pears at the weld centre line ( dash-dotted curve in Fig. 8). The magnitude of the tensile stress maxi­
mum is equal to the yield strength of the steel St 52-3. 

Fig. 9 exhibits distributions of longitudinal residual stresses in sheets of the steel StE 890 after welding 
of dummy seams with a heat input per unit length of 6.33 kJ/cm respectively 19.63 kJ/cm. Welding 
with the lower heat input produces transformation induced compressive residual stresses near the weld 
centre line in analogy to the result after welding of the steel StE 690 with a relatively small heat input. 
But the maximum magnitude of the compressive residual stresses is appreciably higher in sheets of the 
steel StE 890 than in the steel StE 690 ( fully drawn curve in Fig. 9 ). In connection with the high heat 
input of 19.63 kJ/cm very high tensile stress maxima are induced in the not transforming zone as a 
consequence of the relatively large transforming volume and of the especially high yield strength of the 
structural steel StE 890. But the tensile stress peak which evolves as a consequence of post transfor­
mation shrinkage from the transformation induced compressive stress level reaches only a magnitude 
of 150 N/mm2 at the weld centre line (dash-dotted curve in Fig. 9 ). This relatively low magnitude re­
presents a strong contrast to the high magnitude of the corresponding tensile stress peak in the steel 
StE 690 ( Fig. 7 ). The differences in the residual stress distributions after welding of the structural 
steels StE 690 and StE 890 can be explained with differences in the TTT -diagram. If equal temperatu­
re-cooling time curves are compared the transformation of austenite begins in the steel StE 890 al­
ways at a lower temperature than in the steel StE 690 and therefore the shrinkage stresses which deve­
lop after transformation of austenite cannot exert such a strong influence in the steel StE 890 as in the 
steel StE 690. 

Fig. 10 is an extreme example for the modifications of features which have to be anticipated in the dis­
tributions of the longitudinal residual stresses if real weldments with a filler material are produced in­
stead of dummy seams. Plates of the steel St 52-3 with a double-V edge preparation have been TIG­
welded in 8 passes with a filler material of extreme strength ( R. = 830 N/mm2 ), as used normally for 
structural steels with a correspondingly high strength. The length of the weld seam was 300 mm, the 
width of the plates after welding 200 mm and the plate thickness 20 mm. The heat input per unit length 
was 14.10 kJ/cm for the last pass. As one can see, welding with this heat input resulted in much higher 
logitudinal tensile residual stresses in the whole high strength weld metal zone than have been measu­
red around a dummy weld seam in the same base material ( heat input 19.80 kJ/cm). The magnitudes 
of the tensile residual stresses around the dummy seam are limited to a value of only 300 N/mm2, 
which is somewhat below the yield strength of the steel St 52-3. This is a consequence of an especial­
ly broad irradiated area of the X- ray stress measurements, which had a width of 6 mm transverse to 
the dummy weld seam only in this special case instead of 1.5 mm or 2 mm in the normal experimental 
procedure 1121. The maximum magnitude of the tensile residual stresses in the real weldment with a 
high strength filler material reaches the extreme value of 750 N/mm2. The transformation induced ( com 
pare curve 3 in Fig. 4 ) side maxima of the tensile residual stresses beyond the heat affected zone are 
with a magnitude of nearly 400 N/mm2 obviously limited by the yield strength of the base material 
( compare the maximum magnitude of transverse residual stresses at the centre line of a dummy weld 
seam in the steel St 52-3 in Fig. 8 ). The result that extremely high tensile residual stresses can deve­
lop in the weld metal zone of a weldment with a filler material of extraordinary high strength points at 
the fact, that the use of such filler materials can be critical - also for reasons of tensile residual stress 
magnitudes which can be dangerous. As usual the yield strength of the filler material should be adju­
sted to the yield strength of the base material. 
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To which extent the shrinkage of the highly heated areas can result in tensile residual stresses depends 
not only on the described interaction with the effect of the austenite transformation but also appreciab­
lyon the degree of restraint which is influenced directly by the welding sequence. Fig. 11 shows the 
distributions of transverse residual stresses in two hollow section joints welded with different welding 
sequences. 

At first a hollow section joint as can be seen in Fig. 11 was welded with a correct welding sequence. 
After TIG-welding of the transverse V- type welds the four parts of the section were joined together by 
MAG-welding of the longitudinal seams and in that way the shrinkage of the transverse seam was not 
hindered significantly. Then tensile residual stresses with a low magnitude of about 300 N/mm2 ( das 
hed line in Fig. 11 ) have been found in the weld seam and in the heat affected zone. After welding with 
the wrong welding sequence - the transverse seams were TIG-welded at last so that their shrinkage 
was hindered very strongly - the transverse residual stresses (fully drawn curve in Fig. 11 ) around the 
transverse weld seams attain a maximum magnitude of about 700 N/mm2 which corresponds exactly 
with the yield strength of the base material ( high strength structural steel StE 690 ). This example evi­
dently shows, that also in welded constructions it is possible to keep the tensile residual stresses on a 
low level if suitable welding parameters and a correct welding sequence are used. The application of 
wrong welding sequences produces high tensile residual stresses of the magnitude of the yield 
strength because of the strongly hindered shrinkage. Therefore the welding procedure has to be 
planned carefully if high tensile residual stresses must be avoided. 

Another problem in conection with the generation of residual stresses in welded constructions which 
has to be considered is, that weldment distortions can appear after different steps of the production. 
Such distortions may appear, for instance, as a consequence of an inadequate heat input or because of 
an unfavourable welding sequence in connection with a low stiffness of the constructional unit. There­
fore straightening of the different sections or the whole constructional unit by mechanical means or by 
an oxyacety-Iene torch is necessary frequently to guarantee the dimensional stability of the unit. Howe­
ver it has to be considered that straightening by mechanical means can influence the residual stress 
system of a construction unit significantly in such a way, that for instance the mounting stresses, which 
must be applied to compensate inadmissible broad weld gaps are fixed in the construction so that 
these mounting stresses can be efficacious as high tensile residual stresses after completion. 

Fig. 12 clearly shows the possible influence of a mounting process on the distribution of the residual 
stresses in a hollow section joint. The two parts of the construction have been joined with V- type wlds 
( weld seams ( 5 ) and ( 6 ) ). At first the weld seam ( 5 ) was TIG-welded so that an inadmissible wide 
weld gap of about 25 mm appeared in the weld seam ( 6 ). After welding of the seam ( 5 ) the transver­
se residual stresses due to welding were measured by means of X-rays along the marked line in the 
weld seam ( 5 ). As can be seen in Fig. 13 the tensile transverse residual stresses in the cover pass of 
the weld seam ( 5 ) reach only a low magnitude of about 190 N/mm2 ( dashed curve in Fig. 13 ). With 
increasing distance from the weld centre line the tensile residual stresses decrease and change into 
compressive values. The compressive residual stresses in the base material are a consequence of the 
shot peening process which had been applied before welding to remove the rolling scale of the used 
sheets. Finally the weld gap of the seam ( 6 ) of about 25 mm was reduced to ca. 2 mm by mechanical 
means so that the seam ( 6 ) could be TIG- welded. After completion of the weld seam ( 6 ) the trans­
verse residual stresses in the weld seam ( 5 ) have been measured again. Fig. 13 illustrates that the re­
sidual stress distribution in the weld seam ( 5 ) has completely changed after welding of the seam ( 6 ). 
The tensile residual stresses at the weld centre line reach about 680 N/mm2 which is nearly the yield 
strength of the base material ( StE 690 ) and also in a larger distance from the weld centre line ( bet 
ween 2 and 20 mm ) tensile residual stresses with magnitudes of 250 N/mm2 to 550 N/mm2 can be 
found. This extreme example makes evident, that in addition to favourable welding parameters, that is 
to say favourable copling conditions corresponding to the transformation behaviour of the used base 
material, and to a carefully designed welding sequence the avoidance of distortion during different wel­
ding steps is particulary important in view olthe generated state of residual stresses in constructional 
units. Furthermore Fig. 12 shows, that high temile residual stresses due to welding can be reduced ef­
ficiently by by stress relief annealing ( dash-dott ~ curve in Fig. 12). 
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Model considerations on the interaction of shrinkage stresses and of stresses due to the transformation 
of austenite during cooling down and on the consequences of this interaction offer the possibility to ex­
plain a great variety of experimental results on residual stress distributions after welding. It tums out 
that the temperature range of the transformation of the austenite has a dominating strong influence on 
sign, magnitude and final distribution of the residual stresses after welding. Therefore all factors with an 
influence on this temperature range have also an influence on sign, magnitude and distribution of resi­
dual stresses due to welding. That is to say, these residual stresses depend on one side on welding pa­
rameters like heat input or geometry of the weld seam respectively geometry of the welded joint and on 
the other side on the type of the TTT -diagram of the filler material and hence on the chemical compo­
sition of these materials. The influence of the heat input per unit length is demonstrated clearly by ex­
perimental results: a relatively low heat input can produce compressive residual stresses in the weld 
seam, whereas a higher heat input results in tensile residual stresses in the weld seam. The magnitude 
of these tensile residual stresses in the weld seam can become as high as the yield strength of the filler 
material or the base material. Therefore, in order to avoid unnecessarily high tensile residual stresses, 
the yield strength of the filler material should not be unnecessarily high, but should be adjusted to the 
yield strength of the base material. On the other hand it could be shown that also in a material with an 
extremely high yield strength the magnitudes of the tensile residual stresses at the weld centre line 
remain quite moderate, if the TTT -diagram of the steel favours really low temperatures of the transfor­
mation of austenite. The experimental results indicate such a behaviour for the investigated structural 
steel StE 890. Finally attention must be paid to the fact that transformation induced longitudinal tensile 
stresses develop beyond the transforming zone and that the magnitude of these tensile residual stres­
ses depends obviously less strong on the temperature of the austenite transformation and may reach 
the yield strength of the base material. 

Furthermore the experimental results show evidently that the residual stress distributions which can be 
found in welded constructional units depend especially on the applied welding sequences. If wrong 
welding sequences are applied the -restraint of the shrinkage of different parts of a construction can be­
come maximum so that tensile residual stresses can arise in spite of low transformation temperatures 
due to the welding conditions. The avoidance of weldment distortions is as important as the obser­
vance of appropriate cooling conditions and a favourable welding sequence, as the mounting stresses 
which are necessary to compensate inadmissible wide weld gaps may be fixed in a constructional unit 
and extremely high tensile residual stresses can be created in that way which are fully independent on 
the cooling conditions. 
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Measurement of Residual Stress Distributions 
Near the Toe of a Weld Between a Bracket and a Plate 
Using the Crack Compliance Method 
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Summruy 

The authors have developed a technique, referred to as the "crack-compliance method" to 
measure residual stresses using solutions based on fracture mechanics. In the present paper 
the method is extended to the measurement of residual stresses either at the toe of a weld 
joining a bracket to a plate or at the toe of a fillet weld which joins two plates. Results are 
presented for a specimen which simulates the attachment of a bracket to the wall of a 
nuclear reactor pressure vessel. 

Analysis 

The traditional technique for measuring residual stresses by layer removal is not easily 
applied to weldments because of the profile of the weld and the localized stress distribution 
[1]. Another technique which uses strains produced by a thin cut of progressively increas­
ing depth has been used and validated for measurement of residual axial stresses in butt­
welded cylinders, hoop stresses in quenched thick-walled cylinders [2] and bent beams [3]. 

At this time we consider a weld between a bracket and plate or a fillet weld as shown in 
Fig. 1. When a cut of depth a is made in a plate of thickness t, residual stresses are 
released, and the corresponding deformation can be estimated by applying the same 
stresses with opposite sign on the faces of the cut. If the width of the cut is small relative 
to the depth, the deformation due to the cut can be approximated by that due to a crack of 
the same depth. The general expression relating stress intensity factors to the normal strain 
Ey on the surface at a distance s, measured from the cut in the y direction, has been given 
in [4], i.e. 

a a2Kf dA 

f'_.(Ii'S) - J K __ 1 2. (1) 
-y , - 0 1 aFas E' 

in which Ii = alt, S = sIt, E' = E for plane stress and E' = EI(I-~2) for plane strain. The 
stress intensity factors Kl and Kl are those due to loading on the crack faces and due to a 
virtual force F at the location where the strain is to be measured. For a flat plate with an 
edge crack the stress intensity factor has been obtained for an arbitrary surface loading a(z) 

on the faces of the crack for all values of alt [5], which, with some manipulation, may be 
expressed as 
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y 

(a) (b) 

Fig. 1 (a) a weld between a bracket and a plate; (b) a fillet weld 

a 
KI = & (1..)fo(a) f [(I-z)(2+G-3Gz)cos-1( 1HZ ) 

1t 0 -z 

a 
+ H(I-Gz) ]a(z)dz = ..fa fo(a) f D(z,a)o(z)dz 

~ 11-( Hz )2 0 

V l-z 

(2) 

where z = x/t is measured from the mouth of the crack and 

H = I-a . G = 3(l-7a)(l-a)s 
a' 28a 

The stress intensity factor K{ can be obtained by substituting into Eq. (2) the stress field 
Of(x) corresponding to the virtual force F [6]. 

For a plate with an attachment as shown in Fig. 1, the deformation of the plate due to 
making a cut is influenced by the compliance of the attachment. As a first step, we con­
ceptually separate the attachment from the plate as shown in Fig. 2 and express the normal 
and shear stresses in terms of two polynomial series of order N 

N N 
Oy = L ojTj(y) ; 'txy = L 'tjTj(y) (3) 

i=O i=O 

in which OJ and 'tj are coefficients to be determined for the illt order function Tj(y). Now 
applying each term of the series as the loading condition to the plate and attachment, the 
displacement response at m locations along the boundary may be obtained by using the 
crack compliance function for the plate [6] and by a finite element computation for the 
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attachment. Since the computation for the attachment is independent of the crack, it can be 
carried out readily on a personal computer and its results can be used for all crack sizes. 
Denoting the horizontal u and nonnal v displacements due to the loading given in Eq. (3) 
by a single and double prime for the plate and the attachment respectively, they may be 
expressed as 

N 
u'(y) = -1: [cr·CNy) + 't·C·s .(y)] i=O IU IIU 

N 
v'(y) = -1: [cr·Cn.(y) + 't·Cs .(y)] i=O IIV IIV 

N 
u"(y) = 1: [criq~ .. (y) + 'tiq~·(y)] 

i=O 

N 
v"(y) = 1: [criq}·(y) + 'tiq~.(y)] 

i=O 

(4) 

in which superscripts sand n are used to denote the compliances qt·, Ci~" q~ .. and q~ .. 
for shear and normal stresses. From continuity the total displacements of the bracket and 
plate given in Eq. (4) must equal the displacements UC and VC due to a given surface trac­
tion on the crack faces for a flat plate, i.e. 

in which 

N 
uC(y) = -u'(y) + u"(y) = 1: [cri~(Y) + 'tiCit(y)] 

. i=O 

N 
VC(y) = -v'(y) + v"(y) + i~ [criC;~(y) + 'tiq~(y)] 

q~(y) = q~.(y) + C~ .. (y) , Cit(y) = qt·(y) + qt .. (y) 

q~(y) = q~.(y) + C~ .. (y) , q~(y) = q~.(y) + q~ .. (y) 

(5) 

The unknown coefficients cri and 'ti can now be determined by imposing displacement con­
tinuity at m > N number of points along the boundary using a least squares fit which leads 
to 

a m N N 
:;- .1: ([u{ - 1: (crk~ + 'tk~)]2 + [VjC - 1: (crk~l + 'tkG~)]2) = 0 
ucri j=1 k=O k=O 

m m N 
= .1: (u{C~~ + vtc~~) -.1: 1: [(crkcj + 'tk~~)~~ + (crkC~l + 'tkG~)~~] 

j=1 j=1 k=O 

am N .. 2 N .. 2 
:I .1: l,[Ujc - 1: (crk~~ + 'tk~)] + [v{ - 1: (crkq~ + 'tkGm ) = 0 (6) 
u'ti j=1 k=O k=O 

m . • m N . .. . .. 
= 1: (UJ~~l + vJ~GD - 1: 1: [(crkC~ + 'tk~)~l + (crkq~ + 'tkC:IJGU 

j= 1 j=1 k=O 

for i = O, ...• N. in which the letter j is used to denote the location at yj. 
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Fig. 2. Conceptual separation of the attachment from the plate 

The additional deformation due to the attachment can now be obtained from the stress dis­
tributions aa(x) and ta(x) on the plane of the crack corresponding to the boundary traction 
given in Eq. (3). It has been found that the normal strain at the location directly opposite 
the crack gives best overall strain response to release of normal stresses [6] and is not 
affected by any shear stresses on the plane of the crack [7]. Thus, from superposition, the 
stress intensity factor Kr for a plate with an attachment can be obtained by adding a"(x) to 

the stress field a(z) in Eq. (2) from which the strain on the bottom surface can be found by 
using Eq. (1). 

Estimation of Residual Stress Distributions From Measured Strains 

To estimate a residual stress field through the thickness, we approximate it with an nth 

order polynomial series 

n 

a(z) = L AP·(z) 
i=O 1 1 

(7) 

in which Ai is the amplitude factor for the ith order polynomial Pi(z). For a body free of 

external loading Legendre polynomials are an appropriate choice since the force and 

moment equilibrium conditions can be always satisfied by setting Ao and Al to zero. 
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Substituting Eq. (7) into Eq. (1) the strain at s = 0 on the bottom surface may be written as 

where (Jj8(Z) is the stress field due to the presence of the attachment for the ith order func­
tion Pj(z) and may be determined for a given crack size from Eq. (6). 

Te determine the unknown amplitude factors Aj in Eq. (8). we obtain a number m > n of 
strain readings by making progressively a cut of m increments. The method of least 
squares is then used to obtain Aj while minimizing the error over all data points. For an 

nth order approximation this leads to 

a m n 
- L [e(aj) - L AkCk(aj)]2 i = O •...• n 
aAj .i=l k=O 

m m n 
= L e(a·)G(a·) - L L AkCk(a·)G(a·) = 0 .i=l J 1 J .i=l k=O J 1 J 

Experimental Results 

The crack compliance method was used to obtain the through-thickness residual stress dis­
tribution near the toe of a weld between a plate and a bracket with dimensions shown in 
Fig. 3. The bracket was made of Inconel. The plate which was made of A533-B low car­
bon steel clad with Inconel about 19 mm thick on the middle portion of the top surface 
where the bracket was located and with stainless steel about6 6.4 mm thick on the rest of 
the top surface. 

For through-thickness measurement strain gages were attached at three locations at the bot­
tom side of the plate directly opposite to the toe of the weld where a cut was to be made. 
Strain gages were also attached to the top surface near the weld for surface stress measure­
ment. An electrical discharge machine was used to produce a cut of progressively increas­
ing depth with a width of 0.33 mm. Noticeable strains were measured at the bottom face 
when the depth was only about 3 percent of the thickness. The residual normal stress dis­
tribution was estimated by 7th to 9th order Legendre polynomails with consistent agreement 
and the average value is shown in Fig. 4 as solid line. The estimated decrease of the resi­
dual stress near the surface was confirmed by the strains measured near the cut on the top 
surface. The residual stress distribution was also estimated by using the crack compliance 
functions for a flat plate and is shown in Fig. 4 as dashed line. It is seen that the effect of 
the bracket on the residual stress distribution is very significant for xlt < 0.15 while for xlt 
> 0.4 the effect becomes negligible. 
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Conclusions 

The experimental procedure described appears well suited for through the thickness resi­
dual stress measurements on welded joints. We have applied the method, for example to 
study the effect of phase transformations on the residual stress distribution due to fillet 
welds. For surface stress measurement, the technique described in [4] has recently been 
improved to allow for the finite width of the cut [8]. Corrections may also be made to the 
surface stress solution to allow for attachment geometry. 

Acknowledgment 

This work was supported by the Electric Power Research Institute. We are grateful to the 
EPRI Technical Manager, Mr. J. Gilman for his assistance. 

References 

1. Cheng, W.; Finnie, I.: Examination of the Computational Model of the Layer Remo­
val Method. Experimental Mechanics. 26 (1986) 150-153. 

2. Cheng, W.; Finnie, I,: The Crack Compliance Method for Residual Stress Measure­
ment. Welding in the World. 29 (1990) 103-110. 

3. Cheng, W.; Prime, M., Finnie, I.: The Crack Compliance Method for Residual Stress 
Measurement. Presented at the 3rd International Conference on Residual Stresses, 
Tokushima, Japan, July 1991. 

4. Cheng, W.; Finnie, I.; Vardar, 0.: Measurement of Residual Stresses Near the Surface 
Using the Crack Compliance Method. ASME J. of Eng. Mat. and Tech. 113 (1991) 
199-204. 

5. Cheng, W.; Finnie, I.: KI Solutions for an Edge-Cracked Strip. Eng. Fracture Mech. 
31 (1988) 201-207. 

6. Cheng, W.; Finnie, I.; Vardar, 0.: Deformation of an Edge Cracked Strip Subjected to 
Normal Surface Traction on the Crack Faces. Submitted to Eng: Fracture Mechanics. 

7. Cheng, W.; Finnie, I.: Deformation of an Edge-Cracked Strip Subjected to an Arbi­
trary Shear Surface Traction on Crack Faces. Submitted to Eng. Fracture Mech. 

8. Cheng, W.; Finnie, I.: Surface Stress Measurement with Finite Width Slots (to be sub­
mitted to ASME). 



www.manaraa.com

The Neutron Strain Scanner: Measurements in Welds 

P. J. WEBS1ER 

Department of Civil Engineering, 
University of Salford, 
Salford, M5 4WT, UK 

Abstract 

The neutron strain scanning technique is described and examples are given of non-destructive 
internal measurements made through a double-V weld in an aluminium alloy plate. The results 
reveal details of the residual macrostress distribution, microstrain and texture in individual weld 
beads and adjacent to the weld. 

Introduction 

Residual stresses arise in welds during fabrication as a result of differential cooling, phase 

changes and plastic deformation. They are one of the important factors contributing to the 
fatigue lives of welded components and a knowledge of their distribution and magnitudes is 

essential to any assessment of their integrity. Crystalline anisotropy and texture are also 

contributary factors to the properties of weldments. 

Finite element modelling and other analytical methods are widely employed to calculate residual 

stresses in welds but it is essential that the theoretical calculations are validated by comparison 

with detailed, accurate and reliable experimental data. Traditional strain measuring techniques 

such as layering and hole drilling are usually, to a greater or lesser extent, destructive and the 

determination of stresses from the strain relaxation data is difficult for components with 

complex shapes. The X-ray diffraction technique is non-destructive but is effectively 

restricted, because of strong absorption, to near surface measurements which are often of 

limited value in welds due to irregularities in their surface finishes which are not typical of the 

interior. 

Neutron strain scanning, using high resolution neutron diffraction, is a relatively new non­

destructive technique that is being used to determine internal and through surface residual 
stresses in a wide (ange of crystalline materials and components [1-5]. It is in principle, 

subject to absorption and size constraints, possible accurately to determine the strain state at 

any point, in any direction, in a component and hence to derive the full stress tensor. This 

makes the technique uniquely suitable for the validation of theoretical calculations. 

Additionally information is provided relating to anisotropy and texture. 

L. Karlsson, L.-E. Lindgren, M. Jonsson (Eds.) 
Mechanical Effects of Welding 
IUTAM Symposium LuleAlSweden 1991 
© Springer-Verlag Berlin Heidelberg 1992 
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The neutron strain scanner 

A beam of thennal neutrons incident upon a polycrystalline material is scattered, by the atoms 

on the atomic lattice, at specific "Bragg" angles to fonn a characteristic diffraction pattern. 
Measurements of the angles, intensities and profiles of the diffraction peaks provide 

infonnation about the crystal lattice, its dimensions, site occupation and orientation. 

The relationship between the diffraction angle a, the interplanar spacing d and the neutron 
wavelength A. is given by the Bragg equation: 

2dsina = A. (1) 

If a material is strained there are consequent changes, &I, in the dimensions of the lattice and, 

lie, in the angular positions of the Bragg peaks. Differentiation of the Bragg equation gives a 
relation for the lattice strain E which may be expressed as: 

E = &lid = - lie.cota (2) 

where the strain measured is that parallel to the scattering vector Q which bisects the angle 

between the incoming and outgoing neutron beams. 

Strains are often classified as one of two types, micros trains or macrostrains. Microstrains 
vary over distances that are short relative to the microstructure and cannot be spatially resolved 

by most measuring techniques. They produce a continuous spread of lattice distortions in the 
range, d ± dd, and a corresponding broadening, ±dell, in the Bragg peaks, measurements of 

which are used to quantify the micros train. Macrostrains vary throughout a component and 
may be spatially mapped by measuring the shift of the centre of the peak 52a at each location 

within the component. If there is texture and preferred orientation there will also be changes in 
the actual and relative intensities of the peaks. 

In general, and almost certainly in welds, there will be microstrain, macros train and textural 

variation and aU may be investigated using neutron strain scanners. 

The principle of the neutron strain scanner is outlined in fig. 1. A small "gauge volume", on 
the axis of the instrument, is defined by neutron absorbing masks in the input and output 

beams and the component is located and moved relative to it using three automated orthogonal 
translators, two horizontal and one vertical, with rotation about the vertical axis. A suitable 

diffraction peak, preferably near 90°, is selected and measured as the component is scanned 
using a combination of translations and rotations. The peak profiles are recorded and their 

centre positions, widths, heights and intensities are determined by a computer fitting routine. 
Strains are calculated from the data and stresses are then derived from the strains using 

appropriate elastic moduli. 
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Fig. 1. Principles and outline of the neutron strain scanner. 

As an intense neutron source is required scanners must be located at central neutron research 

facilities, with nuclear reactor or spallation neutron sources, such as at the Institut Laue 

Langevin (ILL) in Grenoble or ISIS at the Rutherford Appleton Laboratory in England. The 
size of component that can be surveyed is limited mostly by handling and absorption 

constraints. Absorption is material dependent and exponential but typically measurements may 
be made economicully in most steels through a thickness of 30 mm, nimonic alloys 20 mm, 

titanium 50 mm and aluminium alloys 250 mm. 

Measurements in welds 

Measurements have been made in welds of several different types including conventional single 

and mUltipass welds and electron beam welds; in various engineering materials such as ferritic 

and austenitic steels, aluminium alloys, inconel and zirconium alloy and in a range of 

components with applications ranging from aerospace to civil engineering [6-11]. Results are 
described here of an investigation made on a double-V weld in a thick aluminium alloy plate. 
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The investigation was made on a 200 x 12 x 44 mm sample section, from the Welding Institute, 

cut transversely from a multi-pass double-V MIG weld across an aluminium alloy 5083 plate 
44 mm thick by 900 mm square. Full details of the material and fabrication and other 

measurements are given in [6J. The approximate yield and tensile stresses for the parent 
material are 200 and 330 MPa respectively. The joint design, with the sequentially numbered 

bead pattern, and the co-ordinate system used are shown in fig 2. 

-40 -30 -20 -10 o 10 20 30 40 y (mm) 

x=2 

x=44 
x(mm) 

Fig. 2. Joint design and pass sequence for the aluminium alloy double-V MIG weld [6]. 

The strain scanner used was an adaptation of the neutron diffractometer D20 at the ILL with a 
neutron wavelength 0.14 nm. Data were collected for the (311) and (222) Bragg reflections at 

51 points in linear transverse (y) scans from co-ordinates (2,-50) to (2,+50) centrally in the 
sample at a depth (x) 2 mm below the top surface, in steps of 2 mm for the X, Y and Z 

principal orientfltions. The sampling volume was 3 x 3 x 3 mm and the traverses passed 
through beads numbers 20, 19 and 18 and partially included beads 13 and 14. 

The outlines of successive diffraction patterns, for the Y orientation traverse, are shown in fig. 

3. The corresponding peak parameters for the (311) reflection are shown in figs. 4 and the 
stress pattern derived from the combined strain data in fig. 5. 

Figs. 3 and 4 show how the peak profiles vary as the sample is scanned. In the host metal, 

from -50 to -24 mm and 26 to 50 mm the peak widths (microstrain) are constant at about 0,450 

and the peak positions (macrostrain) change smoothly, but there is some variation in peak 

height and area, particularly on the positive side, due to grain size effects. In the weld the 
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Fig. 3. Outlines of successive (311) and (222) diffraction profiles. for the Y orientation scan 
in 2 mm steps from y = -50 mm to +50 mm across the weld at a depth 2 mm. 

average peak width has increased to about 0.60 which is an indication of the increase in 
microstrain in the plastically stniined regions. The changes in peak position, peak height and 

area in the weld are related to the textural and macroscopic strain variations corresponding to 
the bead pattern. The sharp irregularities, and the changes in the relative intensities of the (311) 

and (222) reflections, are due to the particular orientations of a relatively small number of 

larger crystallites which have grown and reformed during the welding sequence. 

If the few sharp perturbations due to the few large crystallites are disregarded the remaining 

peak positions are a direct measure of the macrostrain which rises to a maximum just outside 
the weld and varies 'from bead to bead inside. 

Fig. 5 shows the transverse Y stress calculated from the strains assuming an average Young's 

modulus of 70 GPa. 

As would be expected the maxima in tensile transverse stress are observed to be just outside the 
weld, at a distance of about 5 mm into the parent metal. The weld was made by depositing 

layers of weld beads alternately on opposite sides. The last beads deposited, 21 and 22, were 
laid in the other V. The stress variations shown correspond to the beads laid in the penultimate 

sequence 18, 19 and 20 on top of the beads 13 and 14. 
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Fig. 5. Transverse residual stress distribution across the weld at a depth of 2 mm. 

Summary 

Neutron strain scanners are able non-destructively to measure internal and through surface 
residual strains in most polycrystalline materials. Their use is limited by absorption and 

portability constraints. Their ability to measure lattice strains accurately at many points and in 
chosen directions enables, in principle, the full stress tensor to be mapped throughout a 

component. The experimental results are particularly suitable for the validation of numerical 
calculations of residual stress and for the non-destructive determination of micros tress, 

macros tress and texture in complex constructions. In welds they may be used to measure the 
stresses and texture within and between individual weld beads, in the heat affected zone and in 

the parent metal. 

Acknowledgements 

The author wishes to thank the Directors and staff of the Institut Laue Langevin for providing 

facilities and assi~tance for the development of strain scanners, and the UK Science and 
Engineering Research Council for fmancial support via grants GRlD63196 and GR/E55556 in 

co-operation with the Welding Institute who supplied the weld sample. 



www.manaraa.com

150 

References 

1. Allen, A.; Andreani, C.; Hutchings, M, T.; Windsor, C. G.: Measurement of internal 
stress within bulk materials using neutron diffraction. NDT International 14 (1981) 249-
254. 

2. Pintschovius, L.; Jung, Y.; Macherauch, E. and Vohringer, 0.: Residual stress 
measllfCments by means of neutron diffraction. Mater. Sci. Eng., 61 (1983) 43-50. 

3. Stacey, A.; MacGillivray, H. J.; Webster, G. A.; Webster, P. J.; Ziebeck, K. R. A.: 
Measurement of residual stresses by neutron diffraction. J. Strain Analysis 20 (1985) 
93-100. 

4. Krawitz, A. D. and Holden, T. M.: The measurement of residual stresses using neutron 
diffraction. MRS Bull., XV (1990) 57-64. 

5. Webster, P. J.: The neutron strain scanner: a new analytical tool for engineers. Steel 
Times 218 No.6 (1990) 321- 323. 

6. Smith, D. J.; Leggau, R. H.; Webster, G. A.; MacGillivray, H. J.; Webster, P. J.; Mills, 
G.: Neutron diffraction measurements of residual stress and plastic deformation in an 
aluminium alloy weld. J. Strain Analysis 23 (1988) 201-211 

7. Hosbons, R. R.; Ibrahim, E. E; Holden, T. M.; Root, J. H.: The use of neutron 
diffraction to determine non-destructively the residual strain and texture in welds. 
"Recent trends in welding science and technology TWR'89", eds. S. A. David and J. M. 
Vitek; ASM International; Proceedings of the 2nd International Conference on Trends in 
Welding Research, Gatlinburg, May 1989, (1990) 103-106. 

8. Webster, P. J.; Webster, G. A.; MacGillivray, H. J.; Smith D. J.; Ziebeck, K. R. A.: 
Comparison of residual stress distributions in thick section welds. ILL Annual Report 
No 5-25- 203,204 (1986) 119. 

9. Webster, P. J.; Low, K. S.; Webster, G. A.; MacGillivray H. J.; Bourke, M. A. M.: 
Fatigue strength and residual stress in generic engineering components. ILL Annual 
Report No 5-23-311 (1987) 158. 

10. Webster, 1? J.; Webster, G. A.; Low, K. S.; Mills, G.; Bourke, M. A. M.; MacGillivray, 
H. J.: Residual stress in generic engineering components (b) An electron beam weld. 
ILL Annual Report No 5-23-325 (1988) 177. 

11. Webster, P. J.; Webster, G. A.; Low, K. S.; Mills, G.; Bourke, M. A. M.; MacGillivray, 
H. J.: Residual stress in generic engineering components (ii) Residual stresses across an 
electron beam weld. ILL Annual Report No 5-23-349 (1989) 193. 



www.manaraa.com

Effect of Weld Metal Mis-match on Toughness Requirements: 
Some Simple Analytical Considerations Using the Engineering 
Treatment Model (ETM) 

Condensed Version 

Karl-Heinz Schwalbe 
GKSS-Forschungszentrum Geesthacht GmbH 
Max - Planck - Str. 
2054 Geesthacht 
GERMANY 

Abstract 

The Engineering Treatment Model (ETM) provides simple formulae for estima­
ting the crack tip opening displacement (CTOD) as a function of applied load or 
applied strain for work-hardening materials. 
Its application to a transverse welded wide plate shows that differences in the 
plastic properties of the weld metal and base material, respectively, significantly 
affect the CTOD. The expressions derived can serve for stating toughness require­
ments of the weld metal such that a weld metal crack would affect the toughness 
behaviour of the welded joint no more than a base material crack of the same size. 

Scope of Investigation 

The failure condition of a cracked component can be stated as 

Driving Force = Toughness. 

In the case of welds, countless investigations deal with the toughness side of the 

above shown equation, whereas very little has been done so far on the driving for­

ce side. The situation is not trivial because there are substantial gradients in the 

deformation properties across a weld which in turn affect the driving force at a 

crack. It is only recently that research recognizes lack of proper description and 

modelling of these inhomogeneities with respect to the fracture mechanics driving 

force. Some examples are given under Refs. [1-8]. In short, these experimental 

and finite element investigations demonstrate that overmatched weld metals ex­

hibit a shielding effect due to their higher yield strength, i.e. they attract less 

strain than the base material, and that strain concentration occurs in undermat­

ched weld metals, both with effects on the driving force acting on a weld metal 

crack accordingly. 

L. Karlsson, L.·E. Lindgren, M. Jonsson (Eds.) 
Mechanical Effects of Welding 
IUTAM Symposium LulealSweden 1991 
© Springer·Verlag Berlin Heidelberg 1992 
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In view of the capability of the Engineering Treatment Model (ETM) to estimate 

the CTOD in homogeneous materials quite reasonably [9-11] an attempt was un­

dertaken to apply the ETM to a bi-material case such as a welded wide plate. 

The following assumptions were made: 

The structure looked at was a transverse welded wide plate in tension, 

with aIW -> 0 . 

A through -crack was located in the weld metal. 

The wide plate was supposed to deform under prevailing plane stress. 

Residual stresses were not considered. 

The stress-strain curves were represented as power laws: 

Base material 

Weld metal 

where the index Y refers to the yield point. 

Furthermore, the mis-matching ratio 

was defined. 

Results 

(1) 

(2) 

(3) 

Due to the limited space the resulting expressions for the CTOD, ~, as a driving 

force parameter will be compiled without their derivation. A comprehensive study 

with a detailed derivation will be published in due course. The driving force in 

the weld metal, ~W' will be presented in a normalized manner 

(4) 
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i.e. it will be nonnalized by the driving force, 0B' a crack of the same length in the 

base material would have. And also, oR will be expressed as a function of the app­

lied global strain, E, normalized by the base material yield strain, EYB. 

Overmatching 

1. Applied load, F, smaller than or equal to the base material yield load, FYB 

(base material and weld metal elastic) 

1+_1 (~)2 
12M2 Em 

OR =-e 2 

M I+O.S(~) 
EYil 

(5) 

2. Applied load between the base material yield load, FYB, and the weld metal 

yield load, Fyw (base material plastic, weld metal elastic): 

1 [E ](2110 -1) [ 1 (E )200 1 
Ol{=-- - • 1+--2 -

1. SM Em 2M EY13 

(6) 

Since in the case of overmatching M>l, a shielding effect develops such that 

oR> 1.To give an example: at the upper end of this loading range (F = Fyw, 

or d EYB= M l/nB) Ow is only one third of 0B, i.e. oR = 1/3, for M = 1.2 

and nB = 0.15. 

3. Applied load greater than the weld metal yield load (both base material and 

weld metal plastic) : 

U ndermatching 

1. Applied load smaller than or equal to the weld metal yield load (both base 

material and weld metal elastic) : 

(7) 



www.manaraa.com

154 

which is identical with Eq(5). 

2. Applied load between weld metal yield load and base material yield load 

(weld metal plastic, base material elastic): 

(8) 

(9) 

3. Applied load greater than the base material yield load (both weld metal and 

base material plastic): 1!!!!..-1) (1 ) ° =[~ nw .M 1--;; 
f{ EYil 

(10) 

which is the same as Eq(7). 

Fig. 1 shows schematically how OR develops with dEYB. The diagram also shows 

the various loading ranges with the relevant equations. It can clearly be seen how 

the shielding effect of overmatching and the concentration effect of undermat­

ching depend on the parameters M, nW' and nB/nW. 

OR greater than unity (concentration effect) means that the weld metal toughness 

must be higher than the base material toughness at least by the factor OR if the 

toughness performance of the welded joint is reqired to be no worse than that of 

the base material Similarly, the occurrence of shielding ( OR > 1) allows the weld 

metal to be less tough than the base material. Thus, a toughness requirement of 

the weld metal may be stated as 

(11) 
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where 0cWand 0cB refer to the toughness values of the weld metal and base ma­

terial, respectively. 

Alternatively, the CTOD can be expressed in a Design Curve type way, i.e. 

(12) 

This way of normalization results in the behaviour shown schematically in Fig. 2. 

Conclusions 

- The ETM provides analytical expressions for () of a weld metal crack. 

- Characterization of a weld metal crack by M is an oversimplification; work 

hardening plays an important role. 

- The shielding effect of overmatching and the concentration effect of under 

matching can be quantified. 
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Fig. 2: Construction of DB * and DW* as a function of (cJEYB) in the various 

loading ranges. 
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Compressive Strenght of Structural Members 
with Undermatching Weld Joints 

Y. Ueda, H. Murakawa and H. Kimura 

Welding Research Institute, Osaka University, Osaka 

Summary 

Undermatching weld jOints [lJ are often employed for high 
tensile strength steel to avoid crackings. The mechanical 
properties of weld joints, such as tensile strength [2-6J and 
fracture toughness [7] have been studied. However, its 
strength under compressive load [8J is not thoroughly 
understood yet because it involves buckling phenomena. To 
clarify the compressive strength of structural members with 
undermatching weld joints, the authors analyzed the behavior 
of columns, plates and pipes. F.E.M. and simple idealized 
models are employed and the effects of the joint location, 
slenderness ratio and strain hardening are clarified. 

Strength of Undermatching Weld Joints 

The buckling 

stress state 

is usually observed 

in such structures 

in thin structures. The 

can be treated as plane 

weld joints exist, the stress state. However, if soft 

elastic-plastic stress state 

dimensional stress and the 

near the jOints 

yield strength 

becomes three 

and ultimate 

strength are increased due to so called plastic constraint. 

The plastic constraint can be separated into in-plane and 

1.4 
'---"" (Z!I:i)(q,/os ) 

\ 

o.-----------(Z/() 

_._.- plane strain 

------ plane deformation 

--- plane stress 

1.gL. --"::::~1:::. ====::Zt::. ==---:3-. ___ J 
Width of soft joint (lilt) 

Fig.l Effect of undermatching joint 
width on compressive strength. 

h,--- (ZIIJ) (ob/os) 

1.4 \ 

~ \. 
" \ r 'ZO ___ \_"':::::·'=r.-=·==-"=~ ___ (zllJ) 

~ 
._0- plane strain 

------ plane deformation 

-- plane stress 
g' 1\ 
1.oL-_==:===~~ __ --:'--__ ----' 

o. 1. 2. 3. 
Width of soft joint (HIt) 

Fig.2 Effect of undermatching joint 
width on bending strength. 

L. Karlsson, L.-E. Lindgren, M. Jonsson (Eds.) 
Mechanical Effects of Welding 
IUTAM Symposium LuleatSweden 1991 
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thickness directions. The illustration in Fig.l shows a plate 

with a welding bead. The force is applied in the direction 

normal to the bead. The degree of the plastic constraint 

depends on Hit and Hlb, which are relative width of the 

undermatching joint compared to the plate thickness t and 

width b. If the constraint in the width direction is 

considered, the deformed state becomes generalized plane 

strain in z direction when Hlb is small. When the plate is 

fixed in the width direction, 

plane strain. On the contrary, 

the deformation state becomes 

if Hlb is large, such as thin 

columns, it can be considered as plane stress state. 

The effect of the plastic constraint in the thickness 

direction is examined for the forementioned three states by 

analyzing a strip with unit thickness as shown in Fig. 1. In 

this analysis, two dimensional F .E.M. based on the plastic 
flow theory using Mises yield criterion is employed. The base 

metal and the weld metal are assumed to be perfect 
elastic-plastic materials and their Young's moduli and yield 

stresses are E=2l000 kgf/mma, 0 b=80 kgf/mma and 0.= 0.80 b= 

64 kgf/mma • Though the welding residual stress exhibits 

significant effect on the behaviors of the joint or the 

member [9], it is not considered in this report. The computed 

strength of plate with undermatching joint is plotted against 

Hit in Figs. 1 and 2. The strength is normalized by the full 

plastic compressive force or bending moment of the 

homogeneous plate with the yield stress which is same as that 

of the weld metal. The effect of the constraint in the width 

direction can be seen from the comparison among the three 

typical states. The plane strain state gives the highest 

strength and the plane stress state gives the lowest. On the 

other hand, the constraint in the thickness direction 

increases as Hit becomes smaller. However, there are upper 

and lower limits in the strength and they are shown in Figs.l 

and 2. Thej3es 1 imi ts can be derived from the relation between 

the stress state and the yield surface [10]. Since, the 

generalized plane strain state is the closest to the real 

state of the plate member in most structures, its detail is 

examined here. When Hit is large, the plastic constraint in 

the thickness direction is negligible and only constraint in 
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the width direction is effective. Thus, the lower limits for 

both compressive 

the upper 1 imi ts 

The effect of 

and bending strength are (2/ [3). However, 

for the small value of H/t are different. 

the plastic constraint in the thickness 

direction may be taken into account by introducing a 

ficti tious yield stress which is proportional to the strength 

ratio given by Figs.l or 2. However, the width of the soft 

jOint is assumed to be large enough and the plastic 

constraint in the thickness direction is ignored in the 

analyses discussed in the following chapters. 

Buckling strength of Columns 

The column considered has a rectangular crosssection and its 

length is L as shown in Fig.3. It is assumed that the soft 

region, the width of which is H, is located ~ from the end 

of the column. Yield stresses of the base metal and the weld 

joint are assumed to be 0 b =80, o. =64 kgf/mm2. Further, the 

sinusoidal form of initial deflection is assumed • 
b 

I-E-I L, -11-1 • 10' .---------,----------, 

F -.Ji;::=~@ I~:::~F 0 t t 

I-:H~ 
initial deflection: wi =woSin(rrl 

Fig.3 Column with undermatching jOint. 

Table 1 Dimensions of columns under 
compres~ion. 

~ y =70.2 t (mm l b (mm l L (mm) 

E.B.M. 2.0 20.0 20.0 415.6 

T.B.M. 1.0 20.0 20.0 293.9 

P.B.M. 0.5 20.0 20.0 207.B 

(a) effect of slenderness ratio 

3. 

~ 
z. 

-- with soft joint 
_.- wfthout soft joint 

0.5 1.0 1.5 
Axial displacement ("') 

Fig.4 Load-displacement curves of 
columns with undermatching 
joint (H/t=l, wo=t/lOOO). 

Z.O 

The buckling phenomena can be categorized into elastic and 

plastic bucklings depending on the slenderness ratio 1 , 

which is defined by the following equation, 

1· = 0 b/O E = (L/1t )" (A/I)(o b/E) (1) 

where 0 band 0 E are yield stress of the base metal and 

elastic buckling stress, and 

A = tb, I = t·~/12, a E = 1t 2EI/L2A 

From the above definition, it can be seen that elastic 
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buckling occurs if ~ > 1, and plastic buckling occurs if ~ 

< 1 . Three types of columns with y = ~ 2 = 2.0, 1.0, 0.5 are 

considered and these are referred to as elastic buckling 

model (E.B.M), transition B. M. (T.B.M.) and plastic B. M. 

(P.B.M.), respectively. Their dimensions are shown in Table 1. 

Compressive load-displacement curves computed by F .E.M. using 

beam element considering elastic-plastic large deflection are 

shown in Fig.4. The solid and the chain lines represent 

columns with soft joint and homogeneous columns without it. 
The width of the joint is assumed to be equal to the 
thickness of the column. It can be seen that the compressive 

strengths are reduced roughly 20% due to the undermatching 
joint in the cases of transition (T.B.M.) and the plastic 

buckling models (P.B.M.). Whereas, small effect is observed 
for the elastic buckling model. Such differences in the 
effect of soft joint can be explained qualitatively by the 

following simple mechanical models. 

The elastic and the plastic load-deflection curves are 

considered and the compressive strength is obtained as a 

intersection of these curves, as shown in Fig. 5. The elastic 
load-deflection curve is given by the following equation 

which involves y as a parameter. 

w(x) wosin( n x/L)/(l - y F/Fp) (2) 
where 

Fp = tb a y 

The broken lines in the figure show the load deflection 

curves of columns with initial deflection, wo=t/lOO, as an 
example. While, the plastic deformation after the plastic 
hinge is formed can be approximated by the rigid-plastic 
hinge model as shown in Fig. 5. The load-deflection curve in 
this case is given by the following equation. 

w(~) = (Mp/F) {l -(F/Fp)2 } (3) 
Two chain lines in Fig.5 are the plastic curves given by 

Eq.(3) assuming that the yield stresses are a b and a., 

respectively. Thus, the intersecting points of the elastic 

and the plastic curves, shown by solid and open circles, 
represent the compressive strengths of column with soft joint 
and a uniform column. Then, the reduction of the strength due 
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to the soft joint is given as the difference in heights of 

these two points. As seen from the figure, reduction of the 

strength is small for E.B.M. Whereas, it is large for T.B.M. 

and P.B.M. The reduction ratio is close to the ratio between 

yield stresses, i.e. (0 b o • )/ 0 b' However, the above 

conclusions are valid only for columns for which one 

dimensional stress state is assumed. The behavior is 

different when the stress state becomes multi dimensional 

such as in plates or pipes. 

(b) effect of the soft joint location 

The effect of the joint location on the strength is examined 

using T.B.M. as an example. Three broken lines in Fig.6 show 

relations between the load and the deflection at the location 

of the weld joint for columns which have a joint at x=L/2, 

L/3 and LIS. These lines are plotted using Eq. (2). The chain 

lines show the load-deflection curves under plastic 

deformation for cases with plastic hinge formed at the base 

metal and the soft metal, respectively. The solid circles in 

the figure represent collapse points. The collapse modes are 

separated into two. Namely, collapse with a plastic hinge at 

the joint and that with a hinge at the center. I f the joint 

locates near the center, the column collapse in the former 

mode and the reduction of the strength is larger as the joint 

approaches the center. On the other hand, if the joint 

locates near the end, it collapses in the latter mode and the 

undermatching joint shows no effect on the strength. 

1.01'<:"T"---------------. 
~. _----- elastic curve 

0.8 I ~ i l. ·X~a 
,.'K . 

f :{ ............. '--.....~StiC curve 

0;: II,y=0.5 (P.8.H.I~.1 - .............. 
~ 0.5 :: y=1.0 ~T.:!~.1.---~~-~:-~--
~ If /,'- • ___ . ___ A_ 

"I 'yoZ.O (E.8.H.) 8_ ./ 
1/ 
r 
I 
I 

H I F __ ~ __ F 

°OU. ----1..---::"0 . ...,.2---'----,0;;'.':-4 -----' 
DeflectIon (wIt) 

Fig.5 Prediction of compressive 
strength with undermatching 
joint at center (wo=t/100). 

1.0~--:::-:-----------..., 

----
---:;;== -- --- --

I . 8 .... "'/0· ............... 
~=l/8 I ~'l/3 ~ .-...... 

~ 0.5 "~.l/2V / .__ . __ . 
.e I lC I (A) • __ • 

I IY -=====- ~---. 
: I I,' j.....:l/Z-t 
"" I I I 

I / I 
I I, 

(8) 

r:;1~=-=-I 1/ 
, 1/ 

0·0~ . .....J.-J..L..---;;-0L;.2---'---7io.74-----' 
DeflectIon at soft joInt (wIt) 

Fig.6 Effect of joint location on 
strength of column (T.B.M., 
wo-t/10). 
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(c) effect of strain hardening 

The plastic buckling model with a joint at its center is 

considered. Both the base and the soft metals are assumed to 

be linearly hardening materials and their hardening 

coefficient h is assumed to be h=E/lO. The computed 

compressive strength of columns with various soft joint width 
are plotted in Fig.7. It is seen that the strength is 

increased by the strain hardening when the joint width is small. 

1.o.---------------..., 

0.6 

• : with strain hardening 
( h-E/l0 ) 

o : without strain hardening 

0~L.------l~.0-----~2.~0--~ 

Width of soft joint (HIt) 

Fig.7 Effect of strain hardening on 
compressive strength (P.e.M., 
wo=t/lOO). 

-EE-- -
_ 2t_ 

"""" : soft region 

Fig.a Fundamental patterns of weld 
joint location. 

Compressive strength of square plates 

The fundamental patterns of 

welding lines in plate members 

are shown in Fig.S. To clarify 

the effect of the slenderness 

ratio, elastic, transition and 

plastic buckling models are 

analyzed and their dimensions 

are shown in Table 2. The 

Table 2 Dimensions of square plate 
under compression. 

~ y b (mm) t (mm) t (mm) 
simply s. clamped 

LB.M. 2.0 2000. 45.91 28.93 
LB.M. 1.0 2000. 64.92 40.92 
P.B.M. 0.5 2000. 91.81 57.87 

Table 
computed compressive strengths 

3 Strength of plate with under­
matching joint computed by FEM 
and idealized model (wo-t/lOOO). are normalized by that of 

homogeneous plates without 

region and summarized 

Table 3. The figures in 

parentheses are evaluated 

soft 

in 

the 

by a 

simple model which is presented 

in the reference [10]. 

1\ 
E.8.M. 

T.8.M. 

P.8.M. 

-8-ID 
s. s. s. s. 
0.997 0.939 

(1.000) (0.949) 

0.973 0.862 
(0.987) (0.924) 

0.982 0.925 
(0.982) (0.924) 

-0- -0---s. s. clamDed s. s. 
0.980 0.976 0.861 

(0.941) 

0.913 0.915 0.815 
(0.916) 
0.923 0.924 0.800 

(0.912) 
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The reduction of the strength is relatively large when the 

joint is normal to the load. Especially in case of T.B.M., 

the strength is reduced by 14%. Among the three models, it is 

seen that the greatest reduction in strength occurs in T.B.M. 

Compressive Strength of Pipes 

Simply supported pipes with different radius to thickness 

ratios, Djt=25, 40, 100, are considered. Their dimensions are 

chosen so that they become transition buckling models when 

they are considered as simple columns. The dimensions are 

shown in Table 4. Concerning the 

the center normal to the load, 

effect in the case of plates, is 

joint location, a joint at 

which shows the greatest 

assumed. The base and the 

soft materials are assumed to be linearly hardening materials 

with same strain hardening coefficient h. The compressive 

strength is analyzed by F .E.M. using shell elements for two 

different strain hardening coefficients, h=EjlOO, h=EjlO. The 

computed strengths are shown in Table 5. As seen from the 

table, the reduction of the strength due to the undermatching 

joint is small as compared to columns. There are two reasons. 

The first reason is the plastic constraint in the width or 

the circumferential direction. The second reason is the 

strain hardening. As shown for columns, the increase of 

strength depends on Hjt. In general, HjD of pipes is much 

smaller than Hjt of columns. Thus, the strength of a pipe is 

significantly increased by the strain hardening. Further, to 

compare the behavior after collapse, load-displacement curves 

X 10' (O/t=25) x 10c (O/t=40) x 10' 
Table 4 Dimensions of pipes under 

compre~sion. 

O/t 25.0 40.0 100.0 !--- L-I 
0 1000.0 1000.0 1000.0 

~ 2t-]-to t 40.0 25.0 10.0 

L 1729l. 17552. 17817. • t 

) 

Table 5 Strength of pipes with and 
without undermatching joint. ~ 

Oft-25 Oft=40 Oft-l00 

a) without soft joint h=E/100 0.874 0.884 0.842 

b) with soft jOint h=E/100 0.818 0.851 0.835 

b) f a) 0.935 0.962 0.991 

c) without soft joint h=E!10 0.875 0.885 0.844 

8. f 8. 
J. 

6. 

2 • 

o iJL. --'----:1,...00-. 100. 

Axial displacement (mm) 

(O/t=100) 

d) with soft joint h=Efl0 0.853 0.878 0.843 Fig.9 Load-displacement curves of 

100. 

d) f c) 0.975 0.992 0.999 pipes under compression (wo=t/10). 
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are shown in Fig. 9. It is seen that the effect of the soft 

joint on the post buckling behavior is not so significant. 

Conclusion 

The strength of the undermatching weld joint itself is 

analyzed and the relation between the strength and the 

plastic constraints in in-plane and thickness directions is 

clarified. Then, the compressive strength of columns, plates 

and pipes., the 

circumferential 

and pipes is studied. 

plastic constraint in 

In 

the 
case of 

width 

plates 

or the 
direction is effective to raise the strength 

In addition to this, if the strain hardening 

account, further increase of strength is expected. 

significantly. 

is taken into 

References 

1. Satoh, K. et a1. : Welding Engineering, Rikogakusha 1979, (in Japanese). 

2. Satoh, K. et al. : Size Effects on Static Tensile Properties of 
Welded Joints Including Soft Interlayer, J. Japan Welding Society, 
37-11 (1968), 1214-1226 (in Japanese). 

3. Satoh, K. et al: Effect of Mechanical 
Tensile Strength of Welded Joints, J. 
(1971), 885-900 (in Japanese). 

Heterogeniety 
Japan Welding 

on the Static 
Society, 40-9 

4. Satoh, K. et al.: Tensile Behaviors and Strength of Soft Welded 
Joints, J. Society of Naval Architects of Japan, 132 (1972), 381-393 
(in Japanese). 

5. Nitoh, H. et al. Tensile Strength of Welded Joints for TMCP Type 
50kgf/mm2 -Class High Tensile Steel plates, J. Society of Naval 
Architects of Japan, 157 (1985), 304-311 (in Japanese). 

6. Matsumoto, T. et al. Investigations on Static Strength of 

7. 

Undermatching Welded Joint of HT60 Steel Plates, Quarterly J. Japan 
Welding Society, 4-2 (1986), 429-435 (in Japanese). 

Satoh, K. et al. Fracture 
Locally Embri ttled Region -
HT80 Steel, J. Society of 
223-229 (in Japanese). 

Initiation Toughness of Materials with 
wi th Reference to Electron Beam Welds of 
Naval Architects of Japan, 153 (1983), 

8. Kawano, H. et al. : Bending and Compressive Strength of TMCP Type 
HT50 Steel Welded Joints, Trans. of the West Japan Society of Naval 
Architects, 70 (1985), 187-198 (in Japanese). 

9. Ueda, Y. et al. : Inelastic buckling of plates with residual stresses, 
lABSE, Zurich (1967). 

10. Ueda, Y. et al. : Compressive Strength of Structural Members with 
Soft Weld Joints, Trans of JWRI (Welding Research Institute, Osaka 
University), 16-1 (1987), 177-187. 



www.manaraa.com

Effect of Mechanical Heterogeneity on the Absorbed Energy 
of Welded Joint 

K.Seo\ F.Nogata1 and M.Kusaka' 

lDepartment of Mechanical Engineering, Himeji Institute of Technology, 
2167 Shosha. Himeji, Hyogo, Japan 671-22 
• Steam Turbine Development Group Engineering Department, 
Mitubishi Heavy Industries, Ltd., 2-1-1 Shinhama Arai-cho, Takasago, Hyogo, 
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Sumnary 
The absorbed energy of the specimen with mechanical heterogeneity 

in Charpy test is studied. It is shown that the absorbed energy in 
Charpy impact test is affected not only by the fracture toughness 
of the material at notch tip but also by mechanical heterogeneity 
existing in the vicinity of notch tip. Furthennore, the strain 
energy release rate of the Charpy specimen with mechanical 
heterogeneity is analyzed under elastic-plastic condition. Th~ 
analyzed result is shown to agree well with the proposed simple 
equation, which does not include the effect of mechanical 
heterogeneity. 

And the fracture toughness of the materials at notch tip is 
estimated by using this analyzed strain energy release rate and the 
result of Charpy test. The estimated fracture toughness is not 
affected by mechanical heterogeneity. 

I.Introduction 
Charpy impact test has been routinely used in order to evaluate 

the notch toughness of the base metal, the weld metal or the 
heat-affected zone under various temperatures. In special, it is 
used for evaluating the ductile-to-brittle transition behavior of 
materials. This test determines the energy absorption in fracturing 
a specimen. The absorbed energy is considered to be a measure of 
fracture toughness of a material at notch tip[1]-[4]. welded joint 
has more or less uneven hardness distribution, 
heterogeneity. This mechanical heterogeneity 
difficulties in evaluating the fracture toughness. 

i. e. mechanical 
brings some 

L. Karlsson, L.-E. Lindgren, M. Jonsson (Eds.) 
Mechanical Effects of Welding 
IUTAM Symposium LulealSweden 1991 
© Springer-Verlag Berlin Heidelberg 1992 
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In this study, it is shown that the absorbed energy does not 

evaluate a reliable fracture toughness of a material at notch tip 

if this test is applied to welded joint. FUrthermore, the way of 

estimating fracture toughness, which is not effected by mechanical 

heterogeneity, is presented. 

2.Experiment 

2.~ Used material and preparation of specimen 

600MPa class high tensile strength steel plate with 28mm 

thickness (MK484) was used in this experiment. rts chemical 

compositions and mechanical properties are shown in Table ~. The 

purpose of this study is to clarify the effect of mechanical 

heterogeneity on the absorbed energy in Charpy imPact test. So 

three types of specimen shown in Fig. ~ were prepared from this 

plate. One type was the standard V notch Charpy specimen, called ST 

Type. Another two types of specimen,W3 Type and W7 Type, had two 

beads of electron beam welding respectively. The width of bead was 

3mm. The intervals between two beads in W3 Type and W7 Type 

specimens were 3mm and 7mm respectively. V notch of every specimen 

was located in the center of two beads. 

Table ~. Chemical compositions and mechanical properties 

C Si Mn P 5 V sol AI 

0.13 0.44 1.46 0.012 0.009 0.049 0.026 
Yield (st re~gth 

. MPn 
Ultimc;~~t~ength Elongation 

( "I: 1 

526 689 44 

Figure 2· shows the appearance of W3 Type and W7 Type specimens 

and the distributions of vickers hardness (500g) in specimens. 

Welded bead has high hardness in comparison with the base material. 

This is similar to the hardness distributions shown in the welded 

joint of common structural 

that these' specimens are 

heterogeneity. According 

steels. Therefore, it can be considered 

models of welded joint with mechanical 

to the distribution of hardness and 

appearance of specimens shown in Fig.2, the materials at notch tip 

have no heat effect by electron beam welding at all and they still 

have the same mechanical properties as the base materials. 
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2.2 Experimental Procedures 
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!:~r ' , ' :~::.: :.'.K1 
j~1~1JLl 

1:! . , , , , ,I .!.!.,:r 
5 0 5 

Distance from notch root(mm) 
(b) 

Fig.2. Appearance of Charpy 
specimen with weld beads, 

and distributions of hardness 

Instrumented Charpy impact testing machine, which had the maximum 

capacity 480J and was instrumented with strain gages to record the 

load- time profile during a test, was used. Impact tests were done 
on every type of specimens at temperatures ranging from -sot to 20 

t. A dry- ice and alcohol bath controlled to ± 1 t was used for 
cooling specimens. The impact tests were completed within five 

seconds after withdrawing the specimen from bath. Initial imPact 
velocity was S . 4m/s. 

2.3 Experimental Results 

A relationship between absorbed energy obtained from each 

specimen and test temperature is shown in Fig.3. In spite of the 

materials of notch tip being the same, transition temperature and 
the value of upper shelf energy differ with the types of specimens. 

Mechanical heterogeneity existing in the vicinity of notch tip 

decreases the upper shelf energy and raises the transition 

temperature. The results obtained in these tests are affected by 

mechanical heterogeneity existing in the vicinity of notch tip. 
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This shows that we must not simply consider that the transition 

temperature or the absorbed energy obtained by Charpy test should 

characterize the notch toughness of a materials at notch tip. To 

put it in other way, when we use a Charpy test to evaluate the 

notch toughness of w,eld metal or heat affected zone, we can not 

obtain their real notch toughness. This is because the plastic 

deformation of materials at notch tip is restrained by mechanical 

heterogeneity exist{ng in the vicinity of notch tip. 
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Fig.3. Temperature dependency of absorbed energy 

at -30°C 
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Fig.4. Example of load-displacement profiles and fracture surface 

Figures 4(a) (b) show the examples of load-displacement curves and 

fracture surfaces of the specimen, which are obtained at test 

temperature -30t. In ST Type specimen, after maximum load Pmax 
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appears, load decreases gently accompanied with growing of ductile 

crack. The fracture surface of ST Type specimen shows 100% shear 
area. In W7 Type specimen, however, after showing maxllnwm load, the 

load suddenly decreases largely at Pc' At this point, the ductile 

crack suddenly changes into a brittle crack. The fracture surface 

shows 65% shear area. In W3 Type specimens, the load Pc' a~ which 

brittle fracture occurs, appears before maximum load. Transition 

from a ductile crack to a brittle crack arises in earlier time than 
that of W7 Type specimen. W3 Type comes to behave more brittle and 

the specimen shows 29% shear area. 

Although all of the three types of specimen have same material at 

notch tip, the fracture behavior largely differs with specimen 

types, that is, existence of mechanical heterogeneity. 

3. Analysis of strain enerqy release rate in elastic-plastic fracture 

For elastic-plastic behavior, COD and J- integral criterion have 
been used to evaluate the brittle fracture properties_ 

But in this study, these criterions can not be applied, because 

the plastic deformation is very large. So the strain energy release 
rate in elastic-plastic condition is analyzed. 

3.1 Analytical method 

In this study, numerical analysis of elastic-plastic stress under 
the plane stress condition was performed by FEM. Figure 5 shows an 

example of mesh division. calculation was carried out for ST Type 
specimen and W3. Type specimen under static load. In calculation, 

mechanical properties of used material, which were obtained by 

impact tension test (e=100/sec) [5], are as follows: 

O'=E£ 

a=B «X+~) 

(elastic) 
(plastic) 

aY=60sexp(55. 1{l._.l.-.)\111-n 
IT To I 

E=20 OMPa 

B=1042ex~55T...l.) n=O .18 

In analysis, as weld bead by 

electron beam has high yield 
strength, they are always 
considered to keep elastic 

condition. The calculation 
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of strain energy release rate during a crack propagation was done 

by"'release the nodal force at crack tip, one after another [6] • 

3.2 Results of analysis 

An example of ~oad-displacement curve and strain energy variation 

under loading and crack propagating are shown in Fig.6(a) (bl. Load 

increases in proportion to the displacement until Py , at which 

local yielding can occur in the element at crack tip. And after 

that, as displacement increases, load increases slowly A- B 

accompaning with plastic defonnation. When the displacement is 

fixed at point B and crack is propagated from the notch tip, the 

load decreases B- C as crack length grows. During the crack 

propagation, elastic strain energy E. decreases, but plastic strain 

energy E., increases even if load decreases. So strain energy 

release rate during crack propagation in elastic-plastic condition 

can be calculated as follows: 

~E EBJ("'Ep-E. 
G=-= 

ac ac 
(1.) 

it 
Loading 

Crack . 
propagating 

10 
B 

.., 

....... 3 
>-
Cl ... 

c ~2 
CII 
c 
e 1 -(/) 
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(a) 

03 O~ 3 
Displacement(mm) Crack 

(b) (ength(mm) 

02 
it 

Fig.6. Load-displacement curve and strain energy variation 

The strain energy release rate was calculated under various 

values of displacement a. It is effected by crack length, type of 

specimen and displacement. According to linear elastic fracture 

mechanics, the strain energy release rate is given theoretically by 

Eq. (2) when load P is applied. 

~--{~r (P<Py ) (2) 
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py:the elastic limit load (local yielding can occure in the 

element at crack tip) 
Gy:strain energy release rate when load py is applied 
P:applied load 

G:strain energy release rate when load P is applied 
All calculated results are nondimensionalized by p/py and G/Gy as 

shown in Fig.7. The strain energy release rate in elastic-plastic 
condition is arranged approximately by the following equation (3), 

which does not have theoretical support. 

&1:J (3) 

In this equation, m differs with crack length C and can be equal 
to the value in Table 2. 
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Fig.7. Relation between strain 

energy release rate and applied 
load 
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Fig.S. Estimated fracture 

toughness 

Table 2. Values of m 

Crock length 2.75 3.25 3.75 4.25 4.75 5.25 5.75 

m value 1.00 1.15 1.16 1.25 1.30 1.30 1.36 

4 Estimation of fracture toughness 

We can get the load Pc, at which brittle fracture occurs, from the 
load-vs-displacement curve as shown in Fig.4(a), and ductile crack 

length C from the fracture surface as shown in Fig.4(b). 

When applying Pc and C in the formula (3), fracture toughness Gc 
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(strain energy release rate at onset of brittle crack) can be 

estimated as follows: 

Gc=GY (PC) m 

Py 

Gc values in each specimen were estimated and shown in Fig. 8. 

Estimated fracture toughness is not affected by the mechanical 

heterogeneity. It can be decided only by temperature. 

S.Conclusion 

Obtained results are as follows: 

I} The absorbed energy in Charpy impact test does not evaluate a 

reliable fracture toughness of a material at notch tip, if this 

test is applied to welded joint. It is affected not only by 

properties of material at crack tip but also mechanical 

heterogeneity existing near crack tip. 

2} Strain energy release rate of the specimen with mechanical 

heterogeneity in the vicinity of notch tip is analyzed under 

elastic-plastic condition. It is shown that strain energy release 

rate can be obtained by the equation G/Gy=(p/p)m. 

3} The fracture toughness is estimated from the results of Charpy 

test and analyzed strain energy release rate. It is shown that the 

estimated value is not affected by mechanical heterogeneity. 
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On the Correlation Between Charpy Notch Toughness 
and Fracture Toughness of Base and Weld Metal 

K. Eriksson 
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S-951 87 LuleA, Sweden 

Introduction 
The Charpy test has been used since the beginning of the century (1905) for quali­

tative assessments of the brittle-to-ductile transition temperature (range) of struc­
tural steels. 

Before the 2nd World War there was no rational basis for predicting structural 
behaviour. It was not known which criterion should be used, if any, for calibra­

tion against service performance. 

By the early 1940's, following the Liberty ship disasters, it was recognized that the 
transition temperature of a cracked body was critical for the loss of strength [1]. 

Later investigations of the Liberty ship failures disclosed that fracture initiation, 
propagation and arrest plates featured on the whole different maximum values 
of Charpy energy at the service temperature [2]. The scatter is however large and 
data from individual plates overlapping. 

In the 1950's it was found that the calibration against service performance is not 
universal but material dependent [1]. The Charpy energy for a given perform­
ance, e.g. arrest, is dependent upon the type of steel. Typically, quenched and tem­
pered steels requires a much higher Charpy energy for arrest than ordinary car­
bon and carbon-manganese steels. For weld metal no systematic study of the re­
lationship between notch toughness and defect tolerance as measured with frac­
ture toughness has been carried through. It is more or less tacitly assumed that 

base metal requirements also apply to weld metal. 

L. Karlsson, L.-E. Lindgren, M. Jonsson (Eds.) 
Mechanical Effects of Welding 
IUTAM Symposium LuleWSweden 1991 
© Springer-Verlag Berlin Heidelberg 1992 
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Fig. 1 features a further interesting property of an inhomogeneous steel: the tran­

sition temperature of the core is higher than that of the surface material. At -20'C 

the mean notch toughness of 15 specimens is 9J with very little scatter. This 

yields a lower bound of J equal to 11 kN/m, while in fact Jc = 120 kN/m was ob­

tained experimentally at -30·C. This means that notch toughness grossly under­

estimates the effective toughness of a structural element. An assessment of the 

effective toughness based on notch toughness only would in this case not cause 

disastrous failure. The economic consequences of such an assessment might 

however be considerable. Suppose e.g. that a road or railway bridge, or even a 

suite of bridges were replaced just because standard notch toughness testing indi­

cates a brittle material while in fact the effective toughness is quite satisfactory. 

KV(J) \G:frti]} 11 
200 

0 
0 

0+ 
150 

+ 

100 

50 

0+' 
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Fig.1. Notch toughness of "surface" (+), "intermediate" (0) and "core" (*) 

material of an inhomogeneous structural steel. 

The next example concerns the most common pressure vessel steel in Sweden, 

551330, in the form of a hot rolled and normalized fine grain 35 mm thick plate. 

Wale and Bergh [9] have thoroughly studied the effect of prestrain and ageing 

upon various mechanical properties of this steel, notably the ductility. 

Test pieces with the long axis parallel and perpendicular to, respectively, the 

rolling direction of the parent plate were prestrained to 5 and 10% and subse­

quently aged 30 min at 250·C. 
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Fracture toughness testing with compact specimens and notch toughness testing 
were performed. The test temperatures were 0 and 24·C. The data in Fig. 2 are 

taken from the investigation of WAle and Bergh, where fracture toughness now 
is plotted against notch toughness. Also in this Figure is shown the lower limit 

estimation of fracture toughness based on notch toughness (the dotted line) ob­
tained by using an expression from Sailors & Corten [8]. 
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Fig. 2. Effect of pres train and ageing upon notch toughness and fracture 
toughness [9]. Transversal O'C (It), longitudinal O'C (+) and trans­
versal +24'C (0). 

Both fracture toughness and notch toughness are reduced by the prestrain and 

ageing treatment. This means in practice that the steel is susceptible to embrittle­
ment after cold forming and welding. 

Notch toughness is however reduced very little in comparison to fracture tough­
ness. In the longitudinal direction fracture toughness is reduced some 55% while 
notch toughness ls reduced only 8%. The implication is that notch toughness is a 
very poor indicator of the reduced defect tolerance as measured with fracture 
toughness for this material. 

The ideal behaviour is a proportional reduction of notch toughness and fracture 
toughn~ss, that is, embrittleme!lt should give data points on a straight line 
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through the origin. Performing notch toughness testing only and using the lower 

limit estimation of fracture toughness gives very conservative estimates for 

unaffected and moderately embrittled base material. 

The last example is a collection of weld metals. All welds are butt joints in 25 mm 

structural steel plate and produced with basic electrodes. Some further details are 

given in Table 1. 

Table I. Weld metal data 

Weld(ing) Edge No of Base Note Ref 

metal method position prep runs mtrl 

B GMA" flat X 22-28 E355 interpass [10] 

C GMA" " X " " temp 150·C 

D MMA vert up V 7 552134 [11] 

E MMA vert down V 22 _"-

J GMA"/C02 flat Y 7 " 

"Flux-cored wire 

Heat input as recommended by, the filler metal manufacturer. 

Fracture toughness testing with Three-point-bend specimens and notch tough­

ness testing were performed. Specimen orientation in a welded joint is shown in 

Fig. 3. The testing temperature varied between -40·C and +20·C. 

Fig. 3. Three-point-bend specimen and it's orientation in the welded joint. 

The result of the testing, critical crack tip opening displacement 8 versus notch 

toughness KV, is shown in Fig. 4. The dotted line is a lower bound estimate, 8 = 
67.10-3 KV, with KV in Joule and 8 in mm, according to [12]. 
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Fig. 4. Notch toughness and critical Crack Tip Opening Displacement for a 
set of manual metal arc and flux-cored wire weld metals. 
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In this case weld metals with acceptable and better notch toughness have very 

poor fracture toughness, far below the lower bound estimate. The defect tolerance 

of the weld metals is overestimated by the notch toughness to such an extent that 

the question is justified wether notch toughness is a measure at all of defect tol­

erance in this particular case. 

Conclusion 

This compilation of data from very different sources show that correlation be­
tween notch toughness and fracture toughness cannot be universal. It is shown 
that common empirical relationships grossly underestimates fracture toughness 
of inhomogeneous base material and worse, that toughness requirements on 

weld metal in terms of notch toughness do not necessarily guarantee the desired 

safety against fracture. 
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Introduction 

Because of the geometric complexities of large structures, finite element welding sim­
ulation of such structures require commensurately large, three-dimensional finite element 
models, where the weld zone represents only a small portion of a structure. Examination 
of the local weld zone is not sufficient. Full three-dimensional models are required both 
since complicated structures normally involve elastic responses in all three dimensions 
and since the action of welding generates out-of-plane distortions and stresses. 

These requirements of model size and dimension have hindered current finite element 
welding analyses of large structures. The primary constraint is that these models are too 
large and complex to be reduced to two dimensions. However, a full three-dimensional 
analysis increases complexity so much (due to the dramatic increase in total number 
of degrees of freedom associated with a model) that a simple three-dimensional model 
can overwhelm th~ computational capabilities of a mainframe which could handle a two­
dimensional geometry with relative ease. Methods to simplify the complexity of finite 
element models are therefore necessary to permit reasonable analysis times. 

The transient nature of welding can be exploited to reduce the size of finite element 
models that simulate the welding process. Welding is characterized by the motion of a 
relatively small, n,onlinear zone traveling in a larger elastic body. The nonlinear zone 
represents the electrode-affected region where both nonlinear deformation behavior and 
large temperature gradients are concentrated. The rest of the structure away from the 
nonlinear zone remains linear and comparatively isothermal throughout the welding op­
eration. Finite element models, therefore, can be simplified substantially by representing 
the local zone using a translating dense mesh and the overall structure using either a 
coarser mesh or substructures. 

L. Karlsson, L.-E. Lindgren, M. Jonsson (Eds.) 
Mechanical Effects of Welding 
IUTAM Symposium LuleAlSweden 1991 
© Springer-Verlag Berlin Heidelberg 1992 
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This article discusses the welding application of rezoning and dynamic substructuring, 
respectively. The combination of these two techniques dramatically reduces in computa­
tion time for simulation of welding. 

Rezoning Applied to Welding 

Welding simulation can exploit rezoning by modeling the local zone with a traveling 
dense mesh. The entire model is then remeshed at frequent intervals to track the motion 
of the local zone as the heat source progresses along its path. Only the local zone (not the 
entire weld path, as in earlier finite element analyses) needs to be modeled with a dense 
mesh. Rezoning also permits stepwise coupled thermal-mechanical analyses by updating 
the geometry and boundary conditions in the heat transfer analyses. Each rezoning step 
therefore is performed using the deformed mesh shape from the previous step. 

We implemented rezoning in three, repeating steps. First, an incremental analysis 
produces a temperature field and deformed geometry. Second, a rezoning code produces 
a new mesh based on that deformed geometry with the local zone translated to capture 
electrode motion. Third, the field variables from the incremental analysis are mapped 
onto the new mesh. The next incremental analysis continues using initial conditions 
specified by these variable values which have been interpolated from the previous analysis. 

Variables at each integration point on the new mesh must be obtained from corre­
sponding data on the old mesh. First, the variables of the old mesh are extrapolated 
from the integration points to the nodes. Then the field variable values extrapolated to 
the node are averaged. The integration points of the new mesh are located in an element 
of the old mesh. Finally, the normalized coordinates of the integration point in that 
element are found and a variable value is interpolated in terms of its values at the old 
nodes. 

During a typical welding simulation, such rezoning occurs many times. We use a 
shell program to accomplish this task automatically by exploiting the fact that most of 
these remesh procedures are only different from each other in the spatial position of the 
local zone and the transient distributions of variables such as temperature, displacement 
and stresses. This shell program will divide the simulation into a number of incremental 
analyses, generate new meshes between these increments according to the immediately 
preceding results, map the values of variables to the new mesh, and drive the finite 
element code to carry out the next incremental analysis. 

Before any interpolation of a variable to a specific integration point in the new mesh, 
the exact location of this point in the old mesh needs to be determined. We use a 
variation of a strategy proposed by Murti and Valliappan [1] to determine if a point is 
inside or outside an element. The modified strategy works as follows: 



www.manaraa.com

183 

For a two-dimensional, quadrilateral four-node element a point is inside an element 
if: 

1 ~ 
A = -it x b· > 0 , 2' ,- (i = 1,2,3,4) (1) 

in which bi is the ith side of the element. Its direction is always such that the element 
is on the left side of the vector. The vector iii connects th~ point to the starting node 
of the ith side. If the point is not inside the element, there exists at least one negative 
product. 

After the location of a new integration point within an old mesh element is determined, 
variable interpolation can be performed based on the normalized coordinates of that point 
inside the element. Different strategies can be used to obtain the normalized coordinates 
of a point inside an element [1,2]. The following procedure is straightforward and easy 
to implement. All variables can be interpolated through a set of interpolation functions 
based on the variable values at nodal points. The coordinates can also be transformed 
using the same rule for isoparametric elements: 

n 

X = ENi(e,q,Oxi 
i=1 
n 

Y E Ni(e, q, OYi (2) 
i=1 
n 

Z = E Ni(e, 1), OZi 
i=l 

If the nodal coordinates Xi, Yi, and Zi are known, these three equations uniquely 
determine a set of normalized coordinates (, 11, and ( associated with a spatial point 
with global coordinates x, y, and z. 

Dynamic Substructuring 

We use a dynamic substructuring procedure to reduce the finite element model size 
beyond what can be accomplished using rezoning. The linear portion of the model is 
reduced via static condensation to a set of equivalent boundary conditions on the nonlin­
ear portion. An i,nterval of analysis is performed, a set of displacements and stresses are 
obtained, and then the model is redefined in the distorted shape and rezoned. We then 
redefine the substructures to reduce the linear portion of the new mesh to equivalent 
boundary conditions on the new nonlinear, local zone. The analysis intervals repeat to 
track electrode motion as in the case of rezoning alone, but with dynamic substructuring 
the linear region of the mesh in each analysis interval is represented with substructures. 
Note that the term "dynamic" does not refer to a dynamic analysis associated with 
eigenmodes or inertial effects; it merely indicates that the substructuring procedure oc­
curs repeatedly during the finite element analysis. 

Substructuring assumes that temperature changes and gradients inside the substruc­
ture are small. We also assume that there are no other nonlinearities in the substructure 
such as contact points, inelastic deformation, and nonlinear boundary conditions. The 
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dynamic remeshing is frequent enough so that both the displacement and strain incre­
ments during one incremental analysis are very small. 

The dynamic substructuring technique involves the fr~quent redefinition of a substruc­
ture. At each redefinition, the accumulated stresses inside a substructure need special 
attention, because substructures can not accommodate initial stresses when they are re­
defined at the beginning of each incremental analysis. We use a special procedure to 
keep the substructure in an incremental analysis initially stress-free. In this procedure, 
we separate and store the accumulated stresses in a substructure before each incremental 
analysis. The stresses are updated after the incremental analysis by adding the stresses 
developed during the increment to the stored stresses. The boundary interaction forces 
between a local zone and its associated substructures can be determined from the traction 
forces derived from stress components along the boundary. 

Rezoning and Dynamic Substructuring Applied to Plate Welding 

We will now illustrate rezoning and dynamic substructuring techniques by showing 
how they may be applied to the simulation of plate welding. We also present a simulation 
of the plate-welding process using a full model without rezoning or substructuring to 
compare with the rezoning and dynamic substructuring results. 

Figure 1 shows a two-dimensional finite element mesh of a plate. A heat source 
travels along the edge of the plate from one end of the denser mesh to the other. We do 
not include material deposition along the edge. The model then resembles edge heating 
rather than welding. 

Fig.l. The full mesh of the plate heated on one edge 
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Heat is lost due to both convection and radiation primarily from the two surfaces 
of the plate. The two-dimensional model cannot directly simulate such losses through 
direct specification of boundary conditions. Instead, a volumetric heat sink is used over 
the plate to approximate convective and radiative heat losses from the upper and lower 
surfaces of the model. 

Figure 2 includes the final distorted mesh predicted by a full mode\ shown in Figure 
1. The corresponding Mises stress distribution is illustrated in Figure 3. The stress 
distribution is very close to the reported stress distribution for a similar plate welding 
process modeled by Veda et al. [3). 
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Fig.2. Final distortion of the plate, both full model and remeshed model. 

Because the heat source must remain within the local zone, a smaller local zone 
implies a higher frequency of rezoniIfg. To increase the efficiency of rezoning, the size of 
the local zone should be kept as small as possible so that the total number of degrees of 
freedom associated with the model is also small. However, higher frequency of rezoning 
requires more computational overhead since rezoning requires both computer time and 
storage space. The analyses described later show that the overhead cost of computer 
time is negligible compared to that of an incremental analysis in a typical simulation; 
thus a very small local zone can be selected. 

The size of the local zone is also carefully chosen to include both high temperature 
gradients and thermal expansion. In the plate model, a temperature of 150°C is used to 
delineate the boundary of the local zone. 
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Mise. Stre •• 

(Mpa) 

1 0 
2 30 
3 60 
4 90 
5 120 
6 150 
7 180 
8 210 
9 240 
10 270 
11 300 

Fig.3. Final Mises stress distribution on the plate, both full model and remeshed model. 

The rezoning and dynamic substructuring procedure is carried out by a shell program 
which drives a finite element code (ABAQUS) and our own subroutines. The finite 
element code performs the incremental analyses, and our own subroutines take care of 
the rezoning, variable mapping, and changes of boundary conditions. Specific details of 
the finite element analysis are described in another article[4]. Figure 4 shows the meshes 
used in nine incremental analyses for the same plate. The total mesh is redefined each 
time rezoning is performed. 

The final distorted mesh is plotted in Figure 2. This final distortion pattern closely 
matches the one from the full model. The corresponding residual Mises stress contours 
are included also in Figure 3 which also closely resemble their counterparts resulting from 
the full model. 

Comparison of the von Mises contours indicates that the magnitudes of the stresses 
are very close, and that the only major differences are the stress gradients along the weld 
wake. In the full model, a fine mesh is used all along the weld path; high gradients of 
both temperature and stress components are captured by the fine mesh density. The 
model with rezQlling and dynamic substructuring, however, uses a much coarser mesh in 
the wake of the heat source. 
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Fig.4. Different meshes for the incremental analyses 

The total time needed for the simulation with both rezoning and dynamic substruc­
turing represent!! a reduction of computer time by a factor of more than seven when 
compared with the full model simulation. It should also be noted that the plate model 
with a long slender weld path gives us a conservative assessment of the efficiency of re­
zoning. The computer time needed depends heavily on the bandwidth of the stiffness 
matrix, which in turn depends primarily on the number of nodes in the transverse di­
rection. The bandwidth therefore does not change significantly when the model includes 
a shorter, denser mesh. Even higher efficiency of rezoning can be obtained with a high 
bandwidth structure. Much higher reductions are also expected when the structure is 
larger and more complex. 

Conclusions 

The transient character of welding, where a nonlinear, local zone translates through 
an otherwise elastic structure, suggests that model redefinition techniques can offer sub­
stantial reductions in analysis time. Since most of the thermal and mechanical gradients 
are concentrated within the local zone around the electrode, the rest of the structure can 
be modeled more coarsely than the local zone and then redefined as the local zone moves. 
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Implementation of model rezoning procedures on a simple welded plate model re­
duced the analysis time by over a factor of five. The addition of dynamically redefining 
the non-local portion of the structure with substructures provided an additional reduc­
tion in analysis time. The plate model presented here represents a lower bound on the 
reduction in analysis time, since more complicated two-dimensional structures should 
possess a larger stiffness matrix bandwidth. Three-dimensional weld simulations should 
demonstrate even larger reductions in time. 

The model redefinition procedures presented here provide the additional advantage of 
permitting step-wise coupled thermo-mechanical analyses. Fully coupled analyses are still 
not readily implemented with current finite element codes. The incremental redefinition 
of the finite element model based on deformed states captures a major aspect of the ther­
mal and mechanical coupling associated with welding without requiring a fully-coupled 
formulation. 
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Summary 
Different tests were carried out on the butt joints of several kinds of steels to study 
the effects of weldmatching on the fracture or strength, and fatigue behaviour of 
welded constructions. The effects of weldmatching on the strength of welded struc­
tures were investigated and appraised directly by experiments in accordance with the 
general yielding criterion based upon "Fitness for Purpose" philosophy. The test 
results show that overmatching of weld metal increases the possibility of having a 
general yielding and may help tolerate larger weld defects, and certain factors, 
such as strain ageing and heat treatment can change the degrees of weldmatching, 
thus affect acr' It is obvious from test results that great care must be taken, when 
the safety against fracture initiation of welded joints with different weldmatching is 
evaluated solely based on COD concept. Effect of weldmatching on the fatigue 
behaviour was appraised based upon four point bending test data of two kinds of 
welded joints. To analyse crack growth the fracture mechanics approach was used. 
Although the values of 6Kth are equal in the two kinds of welded joints, the fa­
tigue crack propagation rate da / dN for A 131 steel welded joint was faster than 
that for A537 welded joint. 

Effects of Weld matching on the Strength of Welded Structures 
In order to study the effects of weldmatching on fracture behaviour the wide plate 
tests were carried out on the butt joints of A 131 and A 537 steels welded with the 
same kind of electrode LB52NS, on the butt joints of I6Mn steel welded with 
Chinese electrodes J427, J507, J606 respectively, on the butt joints of 
14MnMoNbB steel welded with electrodes n07 and n07 respectively .. The mechan­
ical properties of these steels and weld metals are shown in Table 1. 
1. Testing procedure 
Specimen: For I?anufacturing specimens the plates corresponding the sizes of spec­
imen (it is 100 x 500 x 20mm for AI3I, A537, I6Mn steels, 200 x 500 x 20mm for 
l4MnMoNbB steel) were cut into two half parts. After this, a x type 60 0 deg. 
edge preparation was made and welded together. After welding the weld metal rein-
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forcement was removed and on the weld the notch of different length in each speci· 
men was obtained by drilling a hole and sawing a slit (0.15mm) with a small 
hacksaw and orientated transversely to the direction ofloading. 

Table I. Mechanical properties of testing steels and weld metals 

Condition Material u.MPa UbMPa t/I% c5s% 

A131 280 418 78.3 29 

As welded 
A537 363 524 75 26 

Deposited metal 
ofLB52NS 462 526 77.4 18.3 

A131 412 
Strain aged A537 481 

D.M. of LB52NS 460 

Strain ageing A131 303 
+heat treatment D.M. of LB52NS 360 479 79.8 18.3 

A131 270 
Heat treatment A537 344 

D.M.ofLB52NS 360.6 479 79.8 18.3 

16Mn 336 524 29 

As welded 
D.M.ofJ427 412 490 28.5 
D.M.ofJ507 490 549 29.8 
D.M.ofJ606 591 659 25.5 

14MnMoNbB 752 810 58.2 14.5 
As welded D.M.of1707 588 756 > 16 

D.M.of1107 >800 980 

Testing: The tests were carried out at room temperature in a 1000KN and 
10000KN tension machine. During testing the COD was measured on a gauge 
length of 8mm bridged over the notch tips. Meantime, the curves of P against 
COD, COD against 6L and P against 6L were plotted directly on the X-V reo 
corder. In order to compare the test results with the yield spread on one side of 
specimens a grating of 10 lines/ mm was fixed for Moire technique. From thses in· 
tcrference lines, the ligament or general yielding on the specimens was clearly 
shown. 
Assessment criteria: In welded constructions there is a possibility to exist defects in 
the weld, that it is necessary to establish acceptable levels for these defects on the 
basis of Fitness for Purpose. It is evidently much more realistic to look for criteria 
which relate to practical behaviour and which are easy to use. 
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Loading a specimen with a central notch in tension, local yielding starts at the 
crack tips. Due to workhardening the load necessary to develop further yielding 
must increase and when the crack is short, the plastic deformation will be happened 
in the gross section under loading. Plastic deformation in the gross section, this 
condition is defined as general yield. But for long cracks and when workhardening 
is small, this plastic deformation will be confined to fans (with tops at the crack 
tips), fracture initiates before plasticity occurs in the gross section. This condition 
is defined as ligament yielding. 
For structural steels the ligament yield case is not acceptable because of insufficient 
strength (00 < 00.) even if ductility is sufficient. The general yield case is acceptable, 
since it guarantees a strength at least equal to or larger than the yield strength of the 
metal (00 > 00.) and a good ductility. 
As the shift between general yield and ligament yield will occur for a certain crack 
configuration, it is easy to find the critical crack dimensions by means of the wide 
plate test. Using the above defined concepts we may formulate an acceptability cri­
terion for defects as follow: a defect (or a crack) will be acceptable if general yield 
occurs. For plates this requirement will be satisfied if the crack is subcritical. In 
this work for the sake of simplicity in the case of welded joints which contains a 
notch in the weld loaded transversely, the "general yield" concept was used when 
parent metal and weld metal deform plastic and the concept "ligament yield" was 
used when the weld metal alone behaves plastic. 

2. Discussion and conclusion of the tests 
General in the case of a transverse butt weld when the weld metal contained a plane 
sawcut notch directed parallel to the weld, the overmatching weld metal increases 
the possibility to meet a general yielding, in other words, it will be easier for the 
applied load on the notched specimen to reach the yield strength of the unnotched 
specimens. i.e plastic deformation will occur in the notch free parts of the specimen 
and a general yield will occur. Here it should be pointed out that: 
For both A 131 and A537 steels overmatching of weld metal increases the possibility 
of having a general yielding, however, from the test results, which are shown in 
Tab. 2, it can be seen that for A131 steel overmatching of weld metal with parent 
metal in a higher degree may help tolerate larger weld defects or critical crack size 
acr. In this case general yield spread will be facilitated, furthermore the danger of 
crack initiation at the tips of the notches is reduced. 
The yield stress of the electrode J606 is much higher than the yield stress of the elec­
trode J506 (see Table I), so that in accordance with the general yielding criterion 
the critical crack size acr for the welded joints welded with J606 will be larger than 
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that for the welded joints welded with J506 electrode. However, from testing reo 
suIts of 16Mn welded joints it is clear that the acr for the welded joints welded with 
J606 is as big as for the welded joints welded with J506 electrode. It seems to be that 
the high strength weld metal J606 is more sensitive to strain concentration than the 
low strength weld metal ]506, this means that when choosing a weld metal it is im· 
portant to know that with increasing strength of metal, the sensitivity of the metal 
to strain concentration is increased and the acr or fracture stress will be affected. 
According to the general yielding criterion there are three cases in the fracture 
behaviours of undermatching welded joints. i.e, 1) Fracture with ligament yield· 
ing; 2) Fracture with ligament yielding, but fracture starts at the tips of the crack 
in the weld, however the stress field resulting from the thermal weld cycles strongly 
influences the crack path, the crack deflecting away from the weld and propagated 
into the parent metal. Because of the good arresting properties of the parent metal 
the crack will be arrested in it. After this, under loading the deformation will be 
taken place in the parent metal, until fracture happened; 3) Fracture with general 
yielding. From Fig 1 it can be seen that the curve of P (or u) against 6. L for 
undermatching weld in yield strength is different from the curve of P (or u) against 
6.L for overmatching weld in yield strength. Looking at this diagram there are five 
parts instead of 3 parts. In the first zone the P value increases with 6.L (the elastic 
deformation was taken place on the whole specimen), after this the plastic 
deformation is confined to the ligament of the notch in the weld. 

6 

a rr 
a YW 

6 

a rr 

a. for undermatching weld b. for overmatching weld 
Fig 1. P-6.L curve for fractive with general yielding 

The P value remains constant until workhardening of the weld is obtained. i. e, 
the value of P increases again when the yield strength of weld is equal to the yield 
strength of the parent metal, resulting from workhardening of weld metal. This is 
the third part'in the diagram. After this the plastic deformation spreads in the 
notch free parts of the plate. This will be happened in the fourth part in a form of 
horizontal line. This zone is characterized by the general yieiding. The P increases 
again when the strain hardening in the parent metal starts. 
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Certain factors such as strain ageing and heat treatment, can change the degree of 
weld matching and thus according to the reason mentioned above can affect aCT (see 
Table 2). 

Table 2. Test results based on the general yielding criterion 

Condition Material acrmm 

Parent A 131 36-37 
metal A 537 29-31 

welded joint A 
weld metal 49-50 

HAZ 49-50 
As welded 

welded joint B 
weld metal 40-41 

HAZ 39-40 

Strain W.M in welded joint A 19 
aged w.M in welded joint B 16-19 

Strain ageing W.M in welded joint A 31-39 
+heat treatment W.M welded joint B / 

Heat treatment 
W.M in welded A 43-44 

W.M in welded joint B 39 

joint A: A131 steel joint welded with electrode LB52NS 
joint B: A537 steel joint welded with electrode LB52NS 

acJh(wide) 

-0.33 
0.27 

0.45 
0.45 

0.37 
0.36 

0.17 
0.15-0.17 

0.28-0.35 
/ 

0.39 
0.35 

There is an opinion that in the COD test, the crack initiation depends only upon 
the local property of the material surrounding the crack. Certainly, the crack tips 
position is very important in the COD test. But on the other hand, through the 
wide plate test (the specimen contains a transverse weld with a notch) we can find 
that COD depends not only on the local material surrounding the crack, but also 
depends on the whold condition of the specimen. In this case the COD parameter 
of the specimens depends both on the yield strength of the notch free parts and the 
notched part in !he welded plate which contains a notch in the weld loaded trans­
versely. That is to say that the P-COD pictures, the 6L-COD pictures and the 
values of the COD depend on the relations of strength between the notch free parts 
(parent metal) and the notched part (weld metal). The higher the yield strength of 
the notch free parts of the material, the larger the COD we have got before 
fracture. Or the higher the yield strength of the notched parts the smaller the COD 
we have got before fracture. In the COD design curve for material or constructions 
which possess a large critical value of COD the large crack size can be permitted, so 
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that, great care must be taken when the safety against fracture initiation of welded 
joint with different weldmatching in yield strength is evaluated solely based upon 
COD concept. 

Effect of Weld matching on the Fatigue Behaviours 
The second section describes the use of the four point bending test in estimating the 
fatigue behaviours of the two kinds of welded joints of A131 and A537 steels welded 
with LB52NS electrode, for in such case the effects of weldmatching considered are 
more similar to that in the wide plate test. In the present work to analyse crack 
growth the fracture mechanics approach was used. The shape, dimensions of the 
two kinds of specimens and loading system are shown in Fig 2. According to the re­
search programme, first for the two kinds of welded joints the fatigue thresholds 
!:::,. Kth were measured and second, in the region where Paris law da / dN 
= C(!:::"K)m is obeyed, the relationships between da / dN, !:::,.K were treated with 
seven point incremental polynomial technique based on the a-N curves. 

P/2 P/2 

P/2 P/2 . 
L=2tfimm L = tOOmm 

Fig 2. The shape, dimensions of tested specimens and loading system 

Table 3. Fatigue test results 

Parameter 
Material 

!:::"Kth m c da/dN 

Welded joint of A 131 
8.l10 3.l3 9.53 x 10-13 9.53 X 1O-13(!:::"K)3.13 

steel welded with LB52NS 

Welded joint of A537 
8.105 3.18 4.13 x 10-13 4.13 X 1O-13(!:::,.K)3.18 

steel welded with LB52NS 

1. The determination of fatigue crack propagation threshold!:::" Kth. The fatigue 
crack propag~tion threshold !:::,. Kth is a material property, although its 
measurement requires a tedious test. In our work based upon a continuous de-
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crease of K the b. Kilt for the two kinds of welded joints were determined in 
accordance with Chinese Standard HB 5216-82. This method promises to reduce 
the time required to measure the threshold, while still maintaining reasonable accu­
racy. Studies were carried out on tension-tension testing at R= 1 / 3 and at a fre­
quency of 100Hz. The b.KIh was obtained for average of each set of2 specimens. 
It was recognized that the extrapolation of the log b.Kaversus log Nacurve to a large 
Na(106cycles) gave a good approximation of b.Kth for the welded joints studied. 
This means that the threshold can be defined as the value of b.K for which the fa­
tigue crack propagation rate tend to be da / dN < 10-8mm / c. The test results are 
presented in Table 3. 
From the test results it can be seen that the values of b.Kth are equal each other in 
the two kinds of welded joints, in other words, there isn't any effect of the 
weldmatching on the propagation thresholds b.Kth. 
2. Effect on the fatigue crack propagation rate da / dN. In this case the tests were 
carried out in laboratory air at a frequency of 100Hz, and under 
R = 9800N / 49000N = 0.2 and R = 6537N / 32663N ~ 0.2 conditions. i. e the rela­
tionships between da / dN and b.K were obtained from 7 specimens of A 131 welded 
joints and 8 specimens of A537 welded joints under R ~ 6537N / 32663N (b. 
P=26.13KN) and from each 4 specimens of A131 and A537 welded joints under 
R= 9800N / 49000N (b.P= 39.20KN). Conditions. 
For four point bending test the b.K was calculated according to: 

b.K=!b.P(L-L ). F(a/w) 
4 1 Bw 3/ 2 

(I) 

where 

F(a / W) = 11.94(a / w)o.S - 14.82(a / W)l.S + 77.82(a / W)2.s 

- 139.02(a / W)3.S + 148.8(a / W) 4.S, for a / W ~ 0.5; (2) 

F{a / W) = 3.976/ (1 - a / W) I.S, for a / W> 0.5 
The test results are presented in Table 3 and visualized in Fig 3. From testing re­
sults it is apparent that nonsignificant difference in the constant m between the two 
kinds of welded Joints could be found, however there are some differences in con­
stant C between them under the same loading conditions, i. e the value of C for 
A131 welded joint is two times more than that for A537 welded joint, there is there­
fore, some discrepancy between the static load and fatigue conditions, that the 
overmatching in high degree deteriorates the fatigue behaviour. The fatigue crack 
propagation rate,da / dN for A131 welded joint was faster than that for A537 weld­
ed joint. To identify and explain this test results in our research programme the test 
on various welded joints with different rations of weldmatching will be completed in 
the near future. 
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Fig 3. Fatigue crack growth curves for welded joints of A537 and A131 steel 
welded with electrode LB52NS tested in laboratory air, at R = 0.2 

Conclusions 
Beneficial effect of overmatching of weld metal in yield strength on the strength of 
welded structures was found based upon General Yielding Criterion, however in 
the case studied by us overmatching in high degree deteriorates the fatigue behaviour 
of welded structures, it increases the fatigue crack propagation rate da / dN. 
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Finite element calculations of residual stress distribution in a welded component from a 
hollow square section inconel tube are presented in this paper, figure 1. 
Shell element can be successfully used in finite element calculations of thin walled 
structures [1]. However, in the weld and the heat affected zone (HAZ) shell elements may 
not be sufficient, since the through thickness stress gradient is high in these regions. In 
the study presented here a combination of eight-nodes solid elements and four-nodes shell 
elements is used. The solid elements are used in and near the weld and shell elements are 
used elsewhere. This combination of solid elements and shell elements reduces the 
number of degrees of freedom in the problem in comparison with the use of solid 
elements only. 

Introduction and statement of problem 

In the design of welded structures it is of great importance to be able to calculate the 

residual stresses and the distortions due to welding. The residual stresses are needed to 

assess the strength of a welded structure. The distortions must often be known or avoided 

when welded components are mounted together to form a structure. One possible way to 

fmd the residual stresses and the distortions is to simulate the welding and the cooling to 

room temperature by use of the finite element method (FEM). Simulations have been 

performed of two-dimensional structures for nearly twenty years. Fully three-dimensional 

simulations of welding is very recent [2]. This is also the case for shell structures [1]. 

Fully three-dimensional simulations may be too cumbersome and simulations using shell 

elements may' be too inaccurate in the weld and the heat affected zone. 

The main purpose of this paper is to develope a method of simulation so that it is possible 

to combine the advantages of solid elements and shell elements in order to simulate 

realistic welding problems. Therefore a FE-code has been further developed for the 

combined solid and shell element modelling of welding. The problem used for the 

demonstration of the method is given in figure 1. This figure shows a part of a welded 

panel made of inconel 600. For demonstration purpose the part shown in figure 2 was 

chosen. This part was modelled using solid elements only, shell elements only and a 

combination of brick elements and shell elements, see figure 6. The simulations were 

divided into two parts, Thermal analysis and Mechanical analysis, see below. 
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Figure 1. Inconel welded component 
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Figure 2. Analysed part of the structure of length (in x2-direction) 2.5 mm and the 
temperature field at time 0.5 s. 

Thermal analysis 

Two hollow tubes with a square cross-section of 4x4 mm2 and a wall thickness of 0.4 

mm were joined side by side with a weld on the top surface along the x2-direction, figure 

2. The welding speed, v, was 4.25 mm/s, the gross heat input 39 kJ/m and the arc 
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efficiency estimated to be 0.65. Temperature dependent material properties used in the 

thermal analysis are shown in figure 3. The peak in heat capacity, c, between 1354°C 

and 1413 °C corresponds to the latent heat of 300 kJ/kg. The convective surface heat 

transfer coefficient was chosen to be 7.5 W/m20C and the radiative loss of energy 

corresponds to an emissivity of 0.65. The density is 8430 kg/m3. 

A cross section of the welded component was analysed. The three-dimensional time 

dependent temperature field was obtained from a two-dimensional analysis by the 

transformation below,the coordinate directions are seen in figure 2. 

T( Xl. X2, X3, t) ={T2D (Xl> X3, t - ~) , X2 - vt S 0 
Tambient , X2 - vt > 0 

That is, the heat flow along the weld is neglected [3]. 

a 
~1200 
t:!. 
u 

5 800 

~ u 

A. ~ _._------' --------------------------
~ 400 

Figure 3. Thermal conductivity, A., and heat capacity, c, as function of temperature. 

An in house FE-code [4] was used in the two dimensional analysis. Due to symmetry it 

was sufficient to model only half the structure. It was divided into 695 four-node bilinear 

elements. The surfaces at X3 = 0 mm, Xl = 4 mm and X3 = 4 mm were subjected to the 

above-mentioned radiative and convective boundary conditions, all other surfaces were 

considered a~abatic. The heat input was modelled by a line heat source with constant 

intensity on the top surface between Xl = 0 mm and Xl = 0.4 mm. The distribution of the 

heat input was elliptical in the Xl - t plane with the duration 0.4 s and total width 0.8 mm. 
The simulation included 185 time/load steps, 80 for heating and the remaining for 

cooling. The temperature field was passed on to the mechanical analysis with the use of 

area coordinates. 
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Mechanical analyses 

The shell element routines from [1] and the solid element routines from [2] were used in 

the mechanical analysis of the welded square pipe. They were combined in an in house 

code. Three different FEM calculations were performed. In the ftrst only shell elements 

were used, in the second both brick and shell elements were used and in the third only 

brick elements were used. In all these cases the same temperature fteld and boundary 

conditions were used. Large displacements are accounted for in the the shell and solid 

element formulation, as well as large strains in the solid element. These features are not 

needed in the problem presented here. However these features are needed in the 

simulation of the welding of a large shell structure. 

The nodes which were located on the X2-X3 plane in the weld were locked in the XI­

direction due to symmetry, the node located in XI. X2 and X3 = 0 was locked in all 

directions and the node located at Xl = 0, X2 = 2.5 mm and X3 = 0 was prevented from 

moving in the Xl and x3-directions. Finally the remaining two corner nodes on the XI-X2 

plane were locked in the x3-direction. The mechanical fteld is coupled to the temperature 

fteld only through the temperature dependent constitutive properties and the thermal 

strain. The temperatures were assumed constant in each element in order to obtain a 

compatible thermal strain fteld since linear elements are used [5] in the calculations The 

material is assumed to be thermo-elastic plastic with temperature dependent material 

properties. Inconel experiences no solid state phase transformations which is reflected in 

the £t curve in ftgure 4. The values of the thermal dilatation £t were obtained from the 

Swedish Institute of Metals Research. The following parameters were also needed in the 

mechanical analysis; elastic modulus E, Poisson's ratio v and yield stress G y• The 

temperature dependence of these parameters shown in figures 4 and 5 were taken from 

[7]. The hardenJng modulus used is shown in figure 5. In the calculations the thermal 

strain increment was set to zero at temperatures above 900 CO. Results from another 

calculation where the cut of temperature was set to 1200 Co showed a maximum 

difference in maximum residual stress of at most five percent. The mechanical analysis 

was performed 'for times t = 0 to t = 10000 using 210 timelload increments for the 

welding process and 55 timelload increments for the cooling process. 
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Figure 4. Yield stress cry, thennal dilatation e1, as functions of temperature. 
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Figure 5. Hardening modulus H', Young's modulus E, Poisson's ratio v, as functions 
of temperature. 

The finite element model used in the combined analysis (case 2) is shown in figure 6a. 

This model has 5350 degrees of freedom. In this model the parent solid elements are 

integrated in the usual manner for this type of element. The only changes that are 

necessary are that the shell assumption of no strain energy normal to the shell element 

must be evoked [6]. 
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The solid model, shown in figure 6b, used in the solid analysis (case 3) had 6846 degrees 

of freedom. 

The shell element model shown in figure 6c was used in case 1. This problem had 3425 

degrees of freedom. 

a 

c 

Figure 6. Finite element meshes used a) combined solid and shell element model 
b) solid element model c) shell element model. 

Results and evaluation of models 

The results in figures 7 and 8 show that the combined model can predict the residual 

stress state if compared to the solid model, while the shell model fails, especially close to 

the weld. This follows partly from the fact that the modelled structure can not really be 

considered as a shell structure, particularly using a fine mesh. It should be noted that 

there are no contours on the part containing shell elements in figures 7a and 8a. 

Surprisingly, th,e residual x2-stresses on the top surface close to the weld are mainly 

compressive, both in the combined and the solid analyses, see figure 7 a,b. This effect is 

mainly due to bending. 

The residual X2-StreSS outside the heat affected zone are similar in all three models see 

figure 7 a-c. The mesh used in the shell analysis, see figure 6c, was too coarse in the heat 
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effected zone to model the mechanical behaviour as the temperature gradients were large 

in this region. The shell model was also unable to captUre the behaviour due to through 

thickness temperature variation since all gauss points in each element were exposed to the 

same temperature. This may explain the great difference between the shell model and the 

models with solid element. 

a 

c 

(MPa) 

-1 ()() 

-68 

-36 

-4 

28 

60 

Figure 7. Contours of residual x2-stress a) combined solid and shell element model 
b) solid element model c) shell element model. 

In the xl-direction, see figure 8 a-c, there are somewhat larger differences between the 

stresses in the combined and the solid model. This difference can be derived from the 

solid to shell transformation which does not allow relative movements in the shell normal 

direction of the connecting solid and shell master nodes. For the shell model the residual 
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Xl-stress deviates more than the X2-StreSS. Note that the displayed Xl-stress in figure Bc 

should be regarded as a circumferential stress, i.e. it is only the top surface Xl-stress 

which can be compared with the other models. 

a 

b c 

(MPa) 

-200 

-140 

-80 

-20 

40 
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Figure 8. Contours of residual Xl-stress a) combined solid and shell element model 
b) solid element model c) shell element model. 

Discussion and,conclusion 

The residual stress results show that the combined model can be successfully used in 

structures where high stress and temperature gradients are localized to a narrow region 

i.e. a fine solid mesh in the heat effected zone and a coarse mesh of shell elements 
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elsewhere. In the investigation presented here no mesh refmement was made in the weld 

direction, which if used would reduce the number of degrees of freedom further. In order 

to avoid stress concentration in the shell normal direction in the solid to shell connection, 

relative movements of the connecting solid nodes should be allowed. Such a modification 

would permit the use of shell elements closer to the weld and reduce the number of 

degrees of freedom. It would also be of interest to investigate an extruded model in the 

x2-direction to reduce the influence of end effects. 
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Mathematical Modelling of Molten Pool in Arc Welding 
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A mathematical model of arc weld pool has been discussed in 
this paper. In the. model analysis, the heat flow in welding 
is numerically analyzed to estimate the molten pool size, and 
a surface tensional balance equation for the molten pool is 
solved numerically to obtain a weld geometry. 
The model of finite difference, developed in the present work, 
make it possible to simulate some typical processes such as 
a thin plate arc welding and a fillet welding of thick plate. 

INTRODUCTION 

One of the important problem to be solved in the welding engi­

neering is to construct a mathematical model for the computer 

simulation of welding process. 

As the knowledge of the mechanism of heat and mass transfer in 

a molten pool under welding is limited, the following two fun­

damental assumptions have been introduced in this work, 

(1) Heat flow in weld pool is assumed to be conductive, i.e., 

the influence of the metal flow l - 3 ) in molten pool on the heat 

flow is neglected. 

(2) Molten pool is assumed to be in a static equilibrium4,5) 

under gravity, arc pressure and surface tension, and it is 

considered to be in a quasi-stationary state. 

The purpose of this work is to construct a mathematical model 

of arc weld pool under these assumptions, and discuss the pos­

sibility of numerical simulation of arc welding process by the 

model. 

IT MODEL OF MOLTEN POOL 

As shown in Figs.1 and.2, two types of model, Modell and IT, 

have been developed to predict the weld geometry in arc weld-

L Karlsson, L·E. Lindgren, M. Jonsson (Eds.) 
Mechanical Effecls of Welding 
IUTAM Symposium LulealSweden 1991 
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ing. Figure 1, typical of Modell, shows the model for a thin 

plate GTA welding, and Fig.2, typical of ModelIT , is for a 

fillet welding. The heat source in these models is assumed to 

be uniformly distributed in a circular region, as shown in 

these figures. 

On the model analysis, the heat flow equation 6 ) in quasi-sta­

tionary state and the surface tensional balance equation of 

molten pool5,71 are numerically solved. 

As an example, the model 7 ) for thin plate GTA welding of full 

penetration are constructed from following equations, 

a aT 
-[K(T)-) 
ax ax 

a aT 
+ -[K(T)-) 

ay ay 

a aT 
+ -[K(T)-) az az 

- c (T) p (T) v 
ax 

(1) 

o [ 
(1+ (<I> y) 2) <I> xx 

( 1 + 

- 2<I>x<I>y<I>xy + (1+(<I>x)2)<I>yy) 

(<I>x)2 + (<I>y)2 )3 / 2 

= p g<I> - Pa - A (2) 

(1+(Wy) 2 )Wxx - 2WxWyWxy + (1+(Wx) 2 )Wyy 

1 + (Wx)2 + (Wy)2 ) 3/2 
-0 [ 

= P gW - A (3) 

a2 <I> a <I> 
<I> x x = a x 2 

<I> x 
ax 

where, T:temperature, K(T) :thermal conductivity, p (T) :mass 
density, cIT) :specific heat, v: welding speed, <I> (x,y) :top 
surface of molten pool, W (x,y) :bottom surface of molten 
pool, 0 :surface tension, Pa:arc pressure, A :const. 

z 
a ; Heat input 

Pa : Arc pressure 

x 

Fig.1 Model of molten pool 
for thin plate welding 
(Model I ) 

Welding direction 

(c) 

a : Ileal input 

Po : Arc press ure 

Fig.2 Model of molten pool 
for fillet welding 
(Model IT ) 

y 
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Equations (2) and (3), the surface tensional balance equation, 

are concerned with the profiles of top and bottom surfaces of 

molten pool in quasi-stationary state. These non linear par­

tial differential equations have been numerically solved by an 

iterative methodo,7) of finite difference. 

The heat source in Modelll is situated on the calculated weld 

pool surface. Accordingly, Modelll make it possible to discuss 

the influence of weld pool configuration on the heat flow in 

arc welding. Another type of iterative method 8 ) has been 

applied to solve the free boundary problem, because the heat 

flow in the model depends on the molten pool configuration 

and the pool configuration depends on the heat flow. 

m RESULTS AND DISCUSSION 

W Thin Plate GTA Welding ( Modell )7) 

Figure 3 is an example of calculated molten pool in thin plate 

welding of full penetration. (a) shows the longitudinal cross 

section of weld pool. (b) is the top view of mol ten pool, and 

(c) is the weld cross section after solidification. Though the 

calculation has been carried out under the condition of Pa=O, 

the molten pool is slightly distorted downwards by gravity. 

Figure 4 is another example of calculation in flat position, 

which shows the relation between weld cross sectional area and 

weld surface profile. As shown in the figure, the weld shape 

becomes concave with decrease of weld cross sectional area. 

v v 

(a) (e) 

Fiol poslHon 

(.) 

Fig.3 An example of computed 
molten pool in flat position. 
(Modell ,q=1500J/s,v=20cm/min 
H=3mm,Pa=O,Rh=4mm) 
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Fig.4 Relation between 
bead surface profile and 
weld cross section in flat 
position (Modell ,H=3mm) 
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The calculated molten pool in vertical position are shown in 

Fig.5, where the effect of gravity is clear. In the vertical 

up position (b), a "center-rich" type of weld is obtained as 

a result of hanging down of molten pool. The dotted zone in 

the figure (b) means the area where the solid bottom may ap­

pear because the calculated displacement of pool surface is 

over the bottom of molten pool, estimated by the heat conduc­

tion analysis. In this report, this area is called "gouging 

Welding 
d irection 

! 

) 

( 
t 

Welding 
direction 

~.~.'''.' 
~ 

(a) Vertical down position (b) Vertical up position 
Fig.5 Molten pool in vertical position ( Modell, H=3mm, 

q=1500J/s, v=20cm/min, Pa=O, Rh=4mm ) 

v v v v 

(a) Pa = 245 [Pal (b) Pa = 490 [Pal 
Fig.6 Computed gouging zone in flat positional molten pool 

(Modell, H=3mm, q=1500J/s, v=20cm/min, Rp=4mm, Rh=4mm ) 
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zone". The calculation suggests that the development of goug­

ing zone by gravity causes undercutting or other defects in 

vertical up position. 

Figure 6 shows the effect of arc pressure on the molten pool 

in flat pOSition. It is clear that the gouging zone is due to 

the arc pressure, and the zone is broadened with increase of 

arc pressure. 

® Fillet Welding 

Figure 7, a typical example of the calculated weld pool for a 

fillet welding by Modelll , shows the effect of arc pressure on 

the weld penetration. As is shown by the solid curve in Fig.7, 

a deep penetration is obtained as a result of the digging 

action of arc pressure when the arc pressure is high. 

Figure 8, another example of calculated weld pool in fillet 

welding, shows the effect of wire melting rate on the weld 

Arc oressure zone 

10 mm 
----------' 

Arc pressure zone 

Heat Input zone 

Pa .1000 (Pa) 
pa; 500 (Pa) 

-e Mra3 (mg/A·s} 
-.,.~, ------- Mr.2 (mg/A·s) .' .-+.-. ._._._) .-.-

~/ ---------

Fig.7 
Effect of arc pressure 
on weld penetration 
( Modelll , H=lcm, 
q=7.5kJ/s, v=20cm/min, 
Rp=4mm, Rh=5mm, 
Mr=2mg/A·s ) 

Fig.8 
Effect of wire melting 
rate on weld penetration 
( Modelll , H=lcm, 
q=6kJ/s, v=20cm/min, 
Rp=4mm, Rh=5mm, 
Pa=560Pa ) 
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penetration. The penetration is shallow when the deposition 

rate is high, as is shown by the solid curve in Fig.B. 

The effect of arc pressure on bead surface profile of hori­

zontal fillet welding is shown in Fig.9. Each of figures (a), 

(b), (c) and (d) is the cross section at each point of the 

weld pool. The broken curves in these figures are the surface 

profiles for non-arc pressure, and the solid curves show the 

effect of arc pressure. As can be seen in the figure (d), the 

center-rich type of surface profile in fillet welding is due 

to arc pressure. 

(e) 

!~~ 
I ", i .... , 
l ........... u.~ 

-- Rp .1.0(em) 
Pa • 1000(P~) 

---- Non ore pressure 

@ Prediction of Process Parameter 

Fig.9 Effect of 
arc pressure on 
weld geometry in 
horizontal fillet 
welding 
(Model I ,H=lcm, 
q=7.5kJ/s, v=40 
cm/min, Rp=5mm, 
Rh=4mm, Mr=2mg/As) 

Figure 10 shows the computed tolerance zone for thin plate GTA 

welding of "mild steel. The solid curve for each plate thick­

ness is the calculated critical condition of burn-through7 ) 

The broken curve is the condition of lack of fusion at the 

bottom side of the plate, i.e., the bottom bead is not formed 

at the lower side of the broken curve. 

I~ Fig.", the computed result for mild steel of 3mm thickness 

has been compared with the experiment by GTA. The solid curves 

in Fig." (a) show the calculated tolerance zone. In the fig­

ure (a), @ and 0 mean the normal bead, and X is for burn­

through and .... is for lack of fusion bead in experiment. In 

Fig." (b), the experimental weld geometry, indicated by @ in 

the figure (a), is directly compared with the computed weld 

geometry. The correspondence between the experiment and the 

calculation is quite satisfactory. 
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In the case of copper, a high heat input and low velocity con­

dition is required to get a full penetration weld. A computed 

tolerance zone for copper plate of 3mm thickness has been 

compared with the experiment, as shown in Fig.12. A good cor­

relation between the model analysis and the experiment has 

been obtained in this case too. 
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Fig.l0 Computed 
tolerance zone 
for thin plate 
GTA welding 
( Modell ,Mild 
steel, Rh=4mm, 
Pa=O l 

Experimental Calculated 
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Fig.11 Comparison between computed and experimental 
tolerance zones for GTA welding (Mild steel,H=3mm) 
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Fig.12 Comparison between computed and experimental 
tolerance zones for GTA welding ( Copper, H=3mm ) 

N CONCLUDING REMARKS 

In the present work, a mathematical model for arc welding has 

been developed. The result simulated by the model is quite 

satisfactory. Accordingly, it is concluded that the model is 

a useful tool for the simulation of arc welding process. 
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Summary 
This paper deals with the analytical and experimental analyses of the welding induced thennal 
fields in the girth and the overlay welds in piping systems. The knowledge of the temperature 
distribution forms the basis of further studies of the thennal stress fields, which in tum are 
used in crack growth analyses. The temperature analysis was done by using analytical methods 
based on known solutions for a moving heat source in a solid. For numerical analysis the 
mathematical formulae were implemented in a computer program TEDIW. The computer 
program was tested using two case studies from the literature. In these examples, also the 
measured temperature distribution was available. Both examples showed good agreement with 
predicted and measured values. In order to illustrate the capabilities of the program, an overlay 
welding case was also analysed. 

Introduction 

The prevention of intergranular stress corrosion cracking (IOSCC) near the heat affected zone 

of girth welds in piping systems of nuclear reactors is a task of considerable interest. The 

factors influencing the onset of IGSCC are welding-induced sensitization of the material, a 

corrosive environment and tensile residual stresses due to the girth welding of a pipe. One of 

the most effective approaches against IGSCC is to try to change the tensile residual stresses 

to compression at the inner surface of the pipe. This can be done by using different stress 

improvement methods such as induction heating, heat sink welding, overlay welding or 

mechanical shrinking of the pipe. 

In this paper the thermal effects of the welding are investigated. For the analysis, a computer 

program, which is based on the analytical solution of moving heat source originally given by 

Rosenthal [3], was developed and tested. The program is similar to that of Solomon and Levy 

[5]. However, in overlay welding along the circumference of the pipe, the influence of the 

weld continuation is also taken into account for both transverse and circumferential direction 

of welding. 

L. Karlsson, L.-E. Lindgren, M. Jonsson (Eds.) 
Mechanical ElTects of Welding 
IUTAM Symposium Luled/Sweden 1991 
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Moving heat source in an infinite solid 

The use of Rosenthal's [3] model in the simulation of welding is based on the assumption that 

the heat conductivity A. is not a function of temperature. In that case the fundamental equation 

of heat conduction is given as [2] 

as a~a~~ pc- = A.(_+_+_) , 
at ifx a1y ifz 

(1) 

where 9 is the temperature, pc is the specific heat, t is the time and x,y and z are the cartesian 

coordinates. 

The movement of the welding arc is taken into account by using a coordinate system (w,y,z), 

which moves at the same speed v as the welding arc. This condition is illustrated in Fig. 1. 

The temperature distribution is assumed to be quasi-stationary meaning that the temperature 

derivative with respect to time in equation (1) can be neglected. This leads to the temperature 

solution 

9-90 = -2L EXP(-vw/2r:.-vR/2r:.) , 
4xAR 

(2) 

where r:. = 'AJpc is the thermal diffusivity and R=(wl + .; +r- )\12 is the distance from the heat 

source to the point where 9 is calculated and Q is the heat input from the welding arc. 

Fig.I. Temperature isotherms in a coordinate system, which moves with a welding arc. 
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Moving heat source on a plate of finite thickness 

The solution (2) can be extended also to cover the temperature distribution in a plate of finite 

thickness H by adding a series of heat sources to equation (2). This method is described 

mathematically as [2] 

a-a =.iL EXP(-vw/2K) [EXP(-VR/2K) + ~(EXP(-VRI/2K)+EXP(-VR2/2K»1 ,(3) 
o 41tA. R •• 1 RI R2 

where RI=(~ + /+(2nH-H.i )Ifl and R2=(~ + y2+(2nH+Hi )Ifl are the distances from the 

fictitious heat sources. 

The solution of the moving heat source in a plate of finite thickness may also be treated as 

a two dimensional problem [1]. Leaving out the initial temperature, one obtains 

a(w,R) = Q/H EXP( -vw/2K) Ko(vR/2K) , 
2M 

(4) 

where Ko denotes the modified Bessel function of the second kind and zeroth order and R=(w2 

+ /)Ifl is the radial distance from the heat source. 

Multipass welding along the circumference of a pipe 

In multipass welding the temperature distribution during the second and subsequent passes is 

influenced by the welding of the previous pass. In order to account for this phenomenom, two 

methods have been suggested: 

The method proposed by Rybicki et al. [4] uses superposition of heat sources similar to 

equation (3) to co~pute the required time-temperature curves for a welding pass. These curves 

are calculated by treating the pipe as a plate. After that, the curves are numerically integrated 

to obtain an average of the temperature field. For the subsequent pass the temperatures are 

also computed by using equation (3), but, in this case, the total temperature will be obtained 

by adding the average temperature of the previous pass and the experimentally determined 

ambient temperature to the temperature field. 

The second method for the simulation of multipass welding was proposed by Vaidyanathan 

et al. [6]. In this approach, the welding passes are considered to be moving heat sources, 
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which are separated in space by a distance equal to the circumference C (= 1t X diameter) 

of the pipe. The previous heat source (i) should vanish at the moment the subsequent source 

(i+l) appears. However, it is expected that the error is negligible if one regards the prior 

sources as continuous in time. Using equation (4), one can then write the temperature 

distribution as 

• QlH 9(w,R) = E - EXP( -VWJ21C) Ko(vR/21C) , 
i-I 21tA. 

(5) 

where n is the number of passes and W2-WI= W 3-W2= ... W.-W •. I = C are the distances of 

separation in circumferential direction. 

Overlay welding along the pipe circumference 

The mathematical model developed here for the overlay welding deviates from the solution 

of equation (5) such that after each pass, in addition to the x-coordinate, also the y-coordinate 

will be separated in space by a distance which,in this case,equals to the distance B between 

each pass. Futher, in this work, equation (3) instead of (4) was used in the calculation of 

temperature distribution within a single pass. This was done because the distribution in z­

direction may also be important, particularly with thick plates. The flow diagram of computer 

program TEDIW developed is shown in Fig. 3. The notations used in Fig. 3 refer to Fig. 2. 

S 
1= NP= 5 x 11 L __ __ , __ ._. ____ . ____ , ____ . __ -_. ____ . ___ :: 

° 0 t: ° 0 0 0 

0(1_1) xos 0 0 0 0 --.. 0/ 0 0 0 0 ° 
TtxD R 

° 0 
0 0 0 0 0 

o 0 VT 
° 0 0 0 0 

(3,2) 

° 0 0 0 0 0 0 

I. 
y 

Overlay width .1 

Fig.2. Geometric model of the overlay welding. 
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Fig.3. Flow diagram of the computer program 1EDIW. 
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In order to verify the basic equation (3), a relatively simple welding condition, reported by 

Solomon and Levy [5], was analyzed. The case concerns the analysis of SMA welding along 

the surface of a stainless steel plate. The results are shown in Fig. 4 where the horizontal axis 

indicates the x -direction distance from the welding arc. Since the basis of this analysis is the 

same than that of Solomon and Levy's [51, the results are identical to their solution. The 

measured points in Fig. 4 are results from the experimental work of Nippes et al., as quoted 

by Solomon and Levy [51. Good agreement with those results is obtained. 

The second verification example for the 1EDIW program deals with girth welding of a type 

304 stainless steel pipe reported by Rybicki et aI. [41. The girth weld consisted of 6 passes 

shown in Fig. 5. The figure also shows the positions of three thermocouples employed for 

experimental temperature measurements during the welding process. 
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FigA. Comparison of predicted and measured temperatures due to a single-pass welding of a 
stainless steel plate. 

39.9 

28.11 

Fig.5. Welding of a multi-pass girth weld on a pipe with six passes. The letters A, B and C 
refer to the locations of the thermocouples. 

Figure 6 compares the predicted and measured values of passes 2 to 4. One may see from Fig. 

6 that the increase of minimum interpass temperature (horizontal line) can be predicted rather 

accurately. However, the calculated peak temperatures remain lower than the measured ones. 

One of the reasons for this is that the average welding parameters used in the calculation 

actually vary from pass to pass. Moreover, particularly in the case of weld pass no. 4, a large 

error results due to the fact that the actual distance from the arc to the thermocouple A is 

about 20 % smaller than 17.8 mm (see Fig. 5), which increases the difference between 

calculated and measured results. 
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Fig. 6. Comparison of predicted and measured temperatures near the thermocouple A (see Fig. 
5) in a multipass girth weld on a pipe . 
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Fig.7. Temperature distribution during overlay welding of a pipe. Each 200 s in time means 
one rotation and at the time 1000 s, the arc has just finished the pass which locates at the 
section where the temperatures were evaluated~ 
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The third case study was the analysis of an overlay welding of a pipe where a total of 20 

passes were welded resulting to a 100 nun wide overlay. Figure 7 shows temperature time 

histories in three locations behind the arc at the section located 20 nun from the left end of 

the overlay weld (Fig. 2). During the time interval from zero to 1000 seconds, the arc 

becomes closer to the 20 nun section. Therefore, an increase of the temperature is natural. 

After passing the 20 nun section one could expect that the temperature should decrease in 

time. However, this is the case only for distances smaller than 250 nun to the arc. In other 

distances the temperature increases towards an overall temperature level of 550°C. 

Conclusions 

It appears that HAZ temperatures can be calculated quite accurately in single pass welding 

conditions. In more complicated situations, such as in the case of multipass welding, the 

results are not as accurate. However, it is expected that the temperature distribution obtained 

is accurate enough in this case to obtain a reasonable basis for the future analysis of the stress 

field from the temperature variation. The solution of temperature fields in overlay welding 

showed that the overall temperature increase in the pipe may be significant if the welding 

speed is large and if no waiting times are allowed between passes. However, no experimental 

evidence was available for this analysis. Therefore, the results of this case study are 

considered to be tentative only. 
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SUMMARY 

Most of the current pressure vessel and piping design codes contain rules for design in the 
creep range. In practical applications, creep damage is often noted at a life much shorter 
than the design life. Weldments are particularly susceptible to creep damage and it is thus 
of importance to investigate the reasons why. Only a few codes recognize that the creep 
strength of the weld material may be a limiting factor in design and it is not clear what 
parameters would be important for the designer to consider. 
The present paper discusses some aspects of creep life assessment of piping systems with 
circumferential welds. Analytical solutions and FEM results indicate that large strain 
concentrations may be expected if the weld material creep rate is significantly higher than 
that of the parent material. The effect is augmented by external forces and thus by elastic 
follow up. 

1 INTRODUCTION 

The current European codes for welded pressure vessels and piping in power plants and 
other high temperature applications require design for a safe life of the order of 100,000 
hours. In most cases the creep design is based entirely on the average rupture stress of the 
parent material divided by a safety factor of 1.5 [1]. A critical review of several European 
codes given in [2] revealed that although the analyses are based on the same material data 
and very similar design criteria, the design life varied by as much as a factor of seven 
even for a plain pipe under internal pressure. Work in the US has led to a creep design 
procedure defined in ASME, Code Case N-47-26 [3]. Here a reduction factor is 
introduced defined as an appropriate ratio of the weld metal creep rupture strength to the 
base metal creep rupture strength. Recent work shows that it may be reasonable to base 
the design on such factors [4]. However, there are still parameters to be identified, which 
may have an influence on the creep life. 
Despite numerous studies on creep behaviour of engineering structures little attention has 
been given to the effect of the weldment. Walters and Cockcroft [5] used the finite 
element method in analyzing the creep of two material weldments. Later, Browne et al. 
[6] and Coleman et al [7] incorporated a three-materials model and used a parametric 
approach to cover a wide range of weld metal/parent metal creep rate ratios. Evans [8] 
used the finite element method to study a transition joint under creep conditions. By using 
a finite difference method, see Ball [9] and Samuelson [10], based on thin shell theory, 
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Ivarsson and Sandstrom [11,12] studied the creep stress redistribution and rupture of 
welded AISI 316 steel tubes. Ivarsson [13] also studied the creep deformation and rupture 
of welded 12% Chromium steel tubes by computer simulation. 
The present work is intended to examine the applicability and the reliability of the current 
code methods in creep design for weld components and possible improvements. Both 
analytical and finite element methods are used in the study of creep of butt welded tubes. 

2 SEMI-ANALYTICAL APPROACH 

In [14] steady creep of a thin tube under bending and internal pressure is studied. By 
using this approach and adding; 1) an axial load and 2) a weld i.e. two different material 
types, a fast running parametric model is given for qualitative study of the influence of a 
weld in a tube under different load combinations. 
It is assumed that the stiffness of the weld is negligible in comparison to that of the pipe 
in the sense that the circumferential creep strain in the weld is equal to that of the pipe 
remote from the weld. This approximation is probably reasonable in the case of 'soft' 
welds whereas 'hard' welds will cause development of a slight neck in the pipe [15]. 
The compatibility condition may therefore be taken as: l:<{JW = l:<,Op 
Equilibrium in the axial direction requires: uxw = uxp = Ux 
Here, index <,0 and x represent the hoop and the axial direction in a polar coordinate 
system, respectively. Index wand p correspond to the weld and the parent material. 
The hoop stress remote from the weld is assumed to be u<,Op' The hoop stress in the weld, 

(J<,Ow, is not known since the circumferential strain in the weld is forced to equal that of the 
pipe. 
By using the constitutive equation according to Odqvist [16], 2-d strain, with kp and np as 
the coefficient and exponent in Norton's law for the parent material and kw and nw for 
the weld material, respectively, we get; 

C<{JW = kw(u<,Ow2 + ul - u<,Owux)(nw-l)/2(u<,Ow - O.5ux) = 

= kp(u<'ol + ul - u<,Opux)(np-l)/2 (u<,Op - O.5ux) = l:<,Op 

From this equation u<,Ow can be obtained since all other variables are known. 

This equation has to be evaluated for different angles, <,0, since the stresses vary around the 
circumference due to the bending moment. 
The analysis thus gives stresses and strain rates both in the parent material and in the weld 
as a function of the circumferential angle, <,0. 

For a butt welded tube subjected to internal pressure and axial tension, the results indicate 
that the axial strain is concentrated to the weld if the weld is 'soft'. The higher the axial 
tension and the softer the weld, the higher is the concentration, see Fig. I. 
If a bending moment is added, the results indicate that the axial strain in the weld is more 
sensitive to axial stresses than to bending stresses. This is due to redistribution of axial 
stresses in the latter case. As in the former case, the axial strain concentration in the weld 
increases with the 'softness' of the weld, see Fig.2. 
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Fig.1 Axial strain rate in the weld as a 
function of the ratio between axial stress 
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Fig.2 Axial strain rate in the weld as a function 
maximum elastic stresses due to a bending 
moment, ub·' Here uF is the axial stress due to 
external axial stress. 
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In the semi-analytical approach, equilibrium in the axial direction requires that the axial 
stress, at every circumferential segment, is the same in the parent material as in the weld. 
The FE simulation of a tube subjected to a bending moment, presented in the next section, 
shows that this is not the case. The explanation for this is that redistribution in the 
circumferential direction of the axial stress due to the bending moment, differs between 
the parent material and the weld. This difference occurs when the exponents in Norton's 
law differ between the weld and the parent material. Further work will be done to include 
this effect. 

3 FINITE ELEMENT SIMULATION OF CREEP BEHAVIOUR OF WELDED 
TUBE 

Creep tests on welded AISI 316 steel tube were carried out by Ivarsson and Sandstrom 
[11]. A tube of 17.8 mm outer diameter and 0.9 mm wall thickness was chosen and was 
cold stretched to 20% reduction in area. The specimens were made by joining two 70 mm 
long tubes by TIG welding without filler metal. 
The tests were performed at a temperature of 600 °C. Creep strain rate data of each part 
of the weld joint is presented in Fig.3, where the secondary creep rate is given as a 
function of stress. It is evident that the weld is 'soft'. 

In the FE simulations presented in this paper, the tube dimensions, the parent and the 
weld material properties and the internal pressures are the same as in [11]. 

As a first step, an axisymmetric model of a butt welded tube subjected to internal pressure 
is studied. 
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Fig.3 Relationship between applied stress and creep 
rate ror simulated HAZ and 20% cold-worked 316 steel. 

The hoop stress distribution at the middle surface of the tube is given in Fig.4 and the 
hoop strain distribution at the middle surface is plotted in Fig.5, in which a comparison 
with the finite difference results [12] is made. 
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Fig.4 Hoop stress- distribution at the middle 
surface at different times. 

Several facts are evident: 
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Fig.5 Hoop strain at dilTerent times as a runc­
tion or the distance from the centre of the 
welded joint. 

(1) The maXimum creep stress is about 250 MPa • which is 1.087 times larger than the 
nominal design stress of 230 MPa. The predicted rupture life based on this stress is quite 
similar to the experimental value. 

(2) The maximum stress concentration is first built up at the inner surface at a section 
5 mm away from the weld centre and then shifts to a section 6 mm from the centre at the 
middle of the tube wall rather than at the outer surface. This explains the experimental 
results where cracks in all cases started at the inside of the tube. 

(3) The maximum hoop strain occurs at the centre of the weld rather than at the 
position with maximum stress. This indicates that it might not be reasonable to use the 
strain as a criterion in this case. However, the creep ductility of the HAZ-material is not 
known. 
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We have also examined some other parameters such as maximum principal stress and 
equivalent stress in the creep life prediction, but it appears that the maximum hoop stress 
provides better predictions in this case. 

In a second step, different axial stresses are added to the model above. Fig.6 shows the 
axial strain in the centre of the weld as a function of the added axial stress. It is seen that 
the axial strain is very sensitive to the increase of the axial stress. 
Fig.7 shows the strain evolution with time. In load cases with higher axial forces, the 
creep strains in the weld exceed those observed in the parent tube by a factor of as much 
as of 100. 
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Fig.6 Axial strain in the centre of the weld 
as a function of the added axial stress. 
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Fig.7 Axial strain as a function of axial stress 
and time. 

According to replica tests on a header weldment carried out at the Swedish Institute for 
Metal Research [17], microcracks are most frequently found parallel to the fusion line. 
This may indicate that the high axial strain concentration in the weld found in the FE 
simulation above, is the governing parameter in cases where large axial forces exist. 

In a third step, a shell element model is subjected to a pure bending moment, see Fig 8, in 
order to verify the results of the semi-analytical solution. Analyses were carried out both 
for the case of no weld, a) and for a weld at the symmetry line, b). 
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Fig.8 Redistribution of axial stress in the weld centre. 
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The results of case a) agree well with the analytical results. Some results for case b) are 
given in Figs. 8, 9 and 10, which show that the stress distribution around the 
circumference at the weld differs from that obtained in case a). 
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Fig.9 Axial stress along the tube as a f unc­
tion of time, rp = 90. 

Fig.l0 Axial strain distribution along the tube 
after 200 hours, rp = 45 and rp = 90. 

4 CURRENT CODE DESIGN PROCEDURES 

As was indicated above, most of the current design codes are based on substitution of 
creep rupture strength of the material for yield strength. Furthermore, the possible 
reduction of the strength of a component due to the fact that a weld may have creep 
properties different from those of the parent material is often disregarded. Some codes, 
though, prescribe a reduction factor on stresses in the structure related to welding of the 
order of 0.7 to 0.9. There appears to be no specific requirement on the creep properties of 
the weld material in relation to those of the parent material and it is thus reasonable to 
believe that 'soft' or 'hard' welds may appear in practice. 
The AS ME code [3] gives specific reduction factors on stress related to the minimum 
creep rupture stress of the weld metal. In addition, AS ME requires that creep strains are 
kept within certain limits, such as Bc :::; 1 % for primary stress fields. 

The examples given in section 3 indicate that the following procedure may be used for 
design. In this case the stress has been raised by a factor 2501230= 1.087. If the design is 
based on the primary stress of the parent tubes, the allowable stress should be reduced by 
a factor of 0.92. 

Internal pressure (MPa) 24.5 22.6 19.6 15.0 

Design stress (MPa) 230 212 184 140 

Calculated reduction 0.920 0.891 0.856 0.791 
factors 
ASME principle 0.912 0.880 0.830 0.760 

Table 1 Creep strength reduction factors 
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On the other hand, by using the ASME principle, the reduction factor can also be 
evaluated. The creep strength reduction factors for the tubes subjected to different 
pressures are listed in Table 1. It may be noted that the lower the stress level(longer life 
time) the more conservative the code rule. 

Since the analyses carried out above were based on very specific creep data, it is not 
possible to draw any general conclusions. The results indicate, however, that various weld 
design parameters may have a considerable influence on the creep resistance of a pressure 
vessel or tube and it is important to evaluate this influence in a comprehensive parametric 
study. 

5 DESIGN CONSIDERATIONS 

The analyses of welded tubes indicate that a number of parameters are important for the 
assessment of the creep life. 
If the creep properties, i.e. creep strain rate e, creep exponent n and creep ductility Bf, of 
the weld differ from those of the parent material, the safe life of the tube may be 
considerably reduced. In order to make realistic estimates of the creep life it is necessary 
to consider the weld material properties in a realistic analysis based on a rigourous theory 
for nonlinear creep. The effect of external forces must be included in the analysis since 
they may cause severe strain concentrations in the weldment. 
A single design criterion does not seem to exist for creep problems and it may become 
necessary to check different conditions in order to verify that a specific safe life can be 
established. Such criteria may be based on stresses or strains where use of effective values 
or components may apply. It is also possible that a damage parameter may be defined 
which would provide a more general basis for design, see Sandstrom [18]. 

6 DISCUSSION 

The present paper discusses some of the related parameters which may influence the life 
of the weld. The work forms part of a project intended to provide improved methods of 
analysis and design criteria for creep. 
The finite element analyses of butt welded tubes carried out indicate that the models used 
are sufficiently accurate when comparing results with other numerical results and tests. 
The method is, 'however, not particularly suited for design unless the weld and HAZ 
material properties are known. Parametric studies may, on the other hand, give an insight 
in the behaviour of the structure under various loading conditions. 
Simplified models for analysis of weldments need to be developed. Those studied above 
appear to provide some useful information about the creep behaviour. A possible result of 
a parametric study might be a requirement on the material properties of the weld in 
relation to the parent material. Also, it will be necessary to discuss alternative suggestions 
for a design criterion. Some kind of a damage parameter, compatible with for instance the 
cumulative damage in fatigue, might possibly be found. 
Finally, application of fracture mechanics methods in cases where cracks are found may 
give information on the creep crack growth rate and an assessment of the remaining life. 
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SUIIIJIIilry 
A weld metal zone composed of two or more weld metals with different creep proper­
ties is proposed as an approach to produce welded joints with well balanced perform­
ance in terms of creep lifetime and ductility. 
Type 304 steel was welded by depositing a 308L and/or a 308 wire. The resulting weld 
metal zones are composed of a 'soft' weld metal with high ductility and 0-to-100 
vol. % of a 'hard' one with an extended creep lifetime but low ductility. 
The creep tests suggest that the creep behavior of a welded joint may be controlled 
to obtain an optimum balance between its time-to-rupture and elongation. 

Introduction 
Substantial efforts have been made to control residual elements in weld deposits 
in order to improve the creep lifetime and ductility of austenitic stainless steel 
welds [lJ. However, for the present, there has been little success in finding a com­
posi tion which could satisfy both the lifetime and the ducti li ty. 
If such incompatibility is unavoidable, we have to choose some balance between the 
lifetime and ductility from the viewpoint of optimizing the service performance for 
each expected loading history. For instance, in designing plants to be operated with 
frequent repetitions of startup-to-shutdown, we had better give the first priority 
to the guarantee of ductility even at a certain expense of lifetime, because 
insufficient ductility would give a potential threat of creep-fatigue failure to 
components subjected to deformation-controlled loading [2J. 
In regard to welded joints, much depends on the selection of welding materials by 
which the creep properties of produced weld metals can be fit to our target scope. 
Unfortunately, the ideal weld metal may not be available. In such a case, another 
choice may be multi-layer welding in which two or more obtainable welding materials 
are deposited in proper sequence. That is, the weld metal zone is composed of weld 
metals with diff~rent creep properties. We do not expect the properties of the weld 
metal of each pass in itself to be ideal. Rather, the whole of the weld metal zone 
as a composite of different weld metals is optimized. 
In the present study, creep tests were conducted for butt-welded joints of 304 
stainless steel composed of 308L and/or 308 weld metal. Based on the test results, 
a discussion is presented about the new possibility of optimizing the creep perform­
ance of a weld by composing its weld metal zone with different weld metals. 

L. Karlsson, L.-E. Lindgren, M. Jonsson (Eds.) 
Mechanical Effects of Welding 
IUTAM Symposium LuleA/Sweden 1991 
© Springer-Verlag Berlin Heidelberg 1992 
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Experimental Procedure 

Five welded joints WJO, WJ35, WJS7, WJ77 and WJ100 of SO mm thick 304 steel (.04 % 

C) were prepared by narrow-gap SAW by depositing a 308L wire (.02 % C) and/or a 308 
wire (.05 % C). They correspond to the weld metal zone of nothing but the weld metal 
WMA (308L), WMA plus 35, S7, 77 vol. % of weld metal WMB (308) and all WMB, respec­
tively. Figure 1 shows the resulting disposition of WMA and/or WMB. 

WJO WJ35 WJS7 WJ77 WJIOO 

Fig.1 Sections of welds 1--30 mm---l 

Specimens for testing 'all -weld-metals' and 
'joints' were taken out of the welded joints as 
shown in fig. 2. All -weld-metal specimens of 
WMA and/or WMB, S mm in dia. and 30 mm in gage 
length, were cut out along the weld center lines 
at the 1/4-, mid- and 3/4- thickness. 
After shaving the weld reinforcement, the joint 
specimens were prepared with a rectangular 
cross section of the full thickness X 10 mm and 
gage length of ISO mm, some 85 % of which trav-
ersed the base metal. The loading direction was 

Fig.2 Location of specimens 
and welded joints 

perpendicular 'to the weld center line. Over the finished surface of their paralleled 
parts, heat -resisting grids wi th a I ine spacing of about 0.1 nun were photo-etched to 
measure the local strain distribution during creep tests by interrupting them at 
specified times for moire photography. For testing base metal, specimens with 10 mm 
in dia. and 50 mm in gage length were cut out of the mid-thickness of the plate so 
that the loading direction agreed with that of rolling. 
All these specimens were subjected to creep tests at 550 ~ under an applied stress 
of 235MPa. Joint specimens were unloaded every 400 h to check cracking and to 
measure local strains. 
Joint specimens which rupture through the base metal provide little information on 
the lifetimes and ductility of their weld metal zones. For this reason, especially 
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in testing JOints, tests were carried out at 314 MPa in addition to 235 MPA based on 
data [3J, which suggested a greater probability of failure at weld metal zones under 
higher stresses. 

Creep Properties of All-Weld Metals 
Figure 3 compares the creep curves of all-weld­
metal specimens with 100 % WMA, those with 100 % 
WMB and a base metal specimen. Great discrepancies 
in the curves for WMB indicate that this metal is 
very site-variable. Nevertheless, we surely have a 
'softer' weld metal WMA creeping readily and a 
slightly 'harder' WMB resisting creep more than 
the base metal. Thus, the resulting joints from 
WJO with IDa % WMA to WJIOO with 100 % WMB are 
'undermatched' and 'overmatched' in terms of creep 
performances. 
Some of the all -weld-metal specimens from the 
joints WJ35, 67 and 77 are not composed of WMA or 
WMB monol i thically but of both by sampl ing them 
from the vicinities of WMA/WMB boundaries. In fig. 

2000 
Tim. (h) 

I"ig.3 Creep curves of WMA 
WMB and base metal (235 MPa) 

1. the timo-to-rupture and elongation of all-weld-metal specimens are shown as a 

fF . I N~ 
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lijg. 4 Time -to-rupture(JefL) and elongation(right) of all-weld-metal vs. vol. % of WMB 
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function of the vol. % of WMB. For these composites of the two metals, the plotted 
data lie between those for 100 % WMA and 100 % WMB. That is, their creep properties 
are never fixed on the level of the shorter time- to-rupture of all WMA's or the 
lower elongation of WMB's. The 'law of mixtures' for uniformly strained composites 
explains this as follows: 
Any strain distributed evenly to WMA and WMB results in a lowered stress in WMA, 
since its partner, WMB, being more resistible to deformation, always bears a larger 
share of the applied load. Thus, even though failure is initiated in WMA, its lower­
ed stress produces longer time-to-rupture for such composites than that for 100 % 
WMA under the same conditions of loading. The prolonged time-to- rupture is not so 
long as that of 100 % WMB. As a result, at the time of rupture of the composite, the 
metallurgical deterioration of WMB is limited. This results in more elongation of 
the composites than that of 100 % WMB. 

Creep Behavior of Welded Joints 
Figure 5 shows the creep curves of the joint 
specimens. From WJO to WJIOO, increasing the 
vol. % of the hard metal WMB with a longer 
lifetime certainly lengthens their time-to­
rupture, while it little affects their creep 
rates probably due to the fact that the base 
metal occupies the major portion of each 
specimen. Most of the gain in elongation 
also comes from the deformations of the base 
metal. 
The joint specimens ruptured under an ap­
plied stress of 235 MPa and their ruptured 
sections are shown in figs. 6 and 7. The 
joints WJO- to-WJ77 containing the soft metal 
WMA failed at their weld metal zones, while 
only the most overmatched one WJIOO composed 
of 100 % the hard metal WMB ruptured through 
the base me ta 1. 

For joints WJO- to-WJ77, the fracture surface 
just around the narrowest part between the 
two bond lines alJPeared gray ish. This proves 
that this region of the fracture surface has 
been oxidized heavily during long-term expo­
sure to the atmosphere. Consequently, any 
failure in the weld metal zones is very 
likely to have been initiated around their 
narrow parts, where the soft metal WMA IS 

disposed (Sec fie. 1.). Liquid penetrant in-

30 , 

i wr / 
w.o WJJ5 Yf67 ... /'/ 

iii " 
! I ,/-// 

1000 
Time (h) 

Fig.5 Creep curves of joints (235MPa) 

Fig.6 Ruptured joints (235 MPa) 
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-----1-30 mm=:::i 

Fig.7 Ruptured sections of joints (G: Grayish, P: Purplish and M: Metallic) 

spection of the specimens, which were unloaded every 400 h during creep tests, show­
ed that failure had been initiated at a loading time exceeding 400 h for the joints 
WJO-WJ35, more than 800 h for WJ67 and more than 1200 h for WJ77. Meanwhile, for the 
all -weld-metal specimens with the same metal of 100 % WMA, the time- to- rupture is 
between 120 hand 210 h under the same applied stress (fig. 3). These facts demon­
strate that the metal WMA, while being contained in a weld, has a delayed time- to­
failure- ini tiation compared to the same material cut out of the weld and tested in 
an uniaxial state of stress. This result could be explained by regarding the 'equiv­
alent stress' as the dominant stress criterion controlling the creep damage of 
austenitic steels, such as cracking or void formation, and also, by considering the 
said stress to be lowered with some increase of its hydrostatic component incidental 
to multi-axial stress systems in the weld. We can certainly anticipate additional 
delays from increasing the vol. % of the harder metal WMB. The effect of adding WMB 
is explained by assuming that this metal, being more resistible to deformation, 
bears more load and lowers the stress to be applied to WMA. 
To return to fig. 6, for the joint WJ100, a few macroscopic cracks, which did not 
lead to the complete rupture of the specimen, are seen on the face of the base metal 
neighboring its weld toe. These cracks resulted likely from some stress concen­
tration around the, toe, which was magnified with the discrepancy of deformations be­
tween the' rigid' weld metal zone of 100 % WMB and the 'soft' base metal adjoining 
it. At all events, such cracking confirms misgivings that excessive over-matching 
may accelerate the creep damage of the base metal. 

Local Strains in Weld Ketal Zones 
Figure 8 shows an'example of the moire fringe maps observed on the surface of the 
joint specimens. In fig. 9, a comparison of strain contours after 400 h loading, ob­
tained from the fringe maps, is made for the five joints loaded by a stress of 235 
MPa. The drastic change of contours from WJO to WJ100 suggests the possibility of 
controlling the creep deformation of a weld by appropriate disposition of different 
weld metals. 
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1"ig.8 Typical 'moire fringe map' (WJO after 400 h loading with 235 MPa) 

As regards weld metal zones, creep 
strains Lend Lo accumulate on the 
Lop and/or boUom side of the spec­
imen. This proves LhaL such ouLer 
sides adjacent to their free faces 
are in more restraint- free states 
for any deformation. It may be 
worth noting that strains also seem 
Lo concenLrate around Lhe narrowest 
part between the bond lines partic­
ularly in Lhe most undermatched 
joinL WJO. The reason for this 
could be explained by the following 
model: 
LeL us assume the 'weld metal zone 
of 100 % WMA' ' Lo be 'assembled bar 
specimens', as are drawn in fig. 10 
wiLh fine lines. For each specimen, 

.wn 
5 

9 87 !4 3 

t-- 50rrvn--i 

Fig.9 Contours of 
'strains in loading 
direction' after 

~ 400 h loading with 
--""-LL.>J"441~~"::"::":'- 235 MPa 

we take iLs gage IcngLh to be equal to the disLance beLween the Lwo bond lines AOB 
and A'O'B'. In such an analogy for the undermatched weld metal zone, the 'HAZ-to­
base metals' on both sides of it are also analogous to a pair of the 'grips of each 
specimen' + 'chuck-to-cross-heads of the testing machine', since they are estimated 
Lo be more rigid than the soft metal WMA. At a fixed displacement between the cross­
heads, the shortest gage length of the specimen between 0-0' ought to give the 
largest strain. 

Wo already referred Lo the signs showing failure iniLiation at the weld meLal WMA 
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disposed around 0-0'. This is believed 
to be due to the additive effects of the 
larger localized strains just discussed 
and the soft weld metal WMA. 

Ductility of Weld !Ictal Zones 
For a weld metal zone in a joint, we 
have no appropriate measures to evaluate 
its overall ductility, such as the 
'elongation' for ordinary tensile speci-
mens. For this reason, 
of each joint specimen, 

after rupturing 
an additional 

observation was made of its strain dis­
tribution so that we could represent the 
elongation of its weld metal zone by taking the 
average of the 'strains at the time of rupture' 
allover this zone. 
The time-to'-rupture and the averaged elongation 
of weld metal zones, after arranging them with 
the vol. % of the hard metal WMB are shown in 
fig. 11_ Under an applied stress of 235 MPa, 
thoir elongation from 100 % WMA to 100 % WMB 
decreases from 26 to about 20 %, whereas that 
of all-weld-metal specimens is 36-to-42 % for 
the soft motal WMA and 23-to-28 % for the hard 
ono WMB (fig. 3). The change of elongation with 
vol. %, taking the difference between the two 
all-weld-metals jnto account, is not as much as 
would be expected. The reason for this is due 
to the considerably lessened elongation for the 
weld metal zone of 100 % WMA (26 %) in compari­
son wi th that, for the very metal of WMA 
(36-to-42 %). The discrepancy may be explained 
as follows: 
The time-to-rupture of the WMA zone, 580 h, is 
longer than that of its constituent metal WMA, 
120-to-210 h (fig. 3.). The increased lifetime 
produces additional metallurgical deterioration 
and thus results in a loss of ductility. 
Nevertheless, increasing WMB lengthens the 
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Fig.IO Analogy of weld metal 
zone to assembled bar specimens 

WJO WJ35 WJ67 WJnWJIOO 

5000 '. I {, I :, i 

! ~::f--
~ 

50 3'4~ 
e ... 

10 r.R~~~u-r~~a~t--~· 

60 
-e-W.'d meta' zone 
o ElaHmetal 

ir-_-,e_ 
40 r 314 MPII e ___ 

ZO e,---Z-35 .. e -MP-a------.-. 

ZO 40 60 
WMB ('Yo) 

80 100 

Fig.Il Time-to-rupture and 
averaged elongation vs. vol. 
% of WMB in weld metal zones 

time-to-rupture of the weld metal zone and reduces its elongation. Thus, we could 
choose some balance between the time-to-rupture and elongation over their ranges 
from 100 % WMA to 100 % WMB. 
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Conclusion 
A comparison was made of the creep behavior of 304 stainless steel welded joints 
composed of a 308L and/or a 308 weld metal with different creep properties. 

The resul is are summarized as follows: 
For the so-called 'all-weld-metals' composed of 308L and 308, their creep properties 
conform to a ' law of mixtures'. This is explained by assuming a uniform strain In 
both metals. 
For the most 'undermatched' weld metal zone filled with the 'soft' weld metal 308L 
creeping readily, creep strains are localized not only on its front and back sides 
but around the narrowest part between the two bond lines. Its failure also initiated 

at this location. The time-to-rupture of this zone is longer than that of the all,­
weld-metal cut out of it, while the elongation averaged over the zone is less. 
'Overmatching' by adding the 'hard' metal 308 produces a considerable change in 
strain distribution, which results in a longer time-to-rupture with less elongated 
weld metal zones, and finally, to failure initiation at the base metal near the weld 
toe. 
From these results, we conclude that we could control the creep behavior of welded 
joints, and also, choose the best balance between their creep lifetimes and ductili­
ty to fi t the predictable in-service condi tions by the rational layout of weld 
metals with different creep properties. 
To realize this possibility, a purely empirical approach, such as the trial-and-er­
ror of creep testing for a number of composite welds, does not seem realistic be­
cause of the long times involved. Computer-aided approaches are believed to be more 
or less essential for such a construction. In such an approach, the key to success 
also may be 'how to simulate the creep rupture behavior of welded joints with high 
accuracy'. We are now making FEM programs to incorporate the 'damage mechanics'. 
The comparison of computations with measurements will be reported before long. 
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Summary 

This paper deals with the computation of the elastic and elastoplastic stability of 
welded shells (cylindrical and spherical shells) under mechanical or thermal loading. It 
is assumed that the residual welding stresses and welding distortions are either known 
or can be predicted by numerical methods or analytical approximations. The deter­
mination of the bifurcation or limit points is performed by numerical discretization 
methods using finite element or finite difference methods. The influence of welding 
stresses is simulated either directly by initial stresses introduced into the governing 
equations or by a fictitious temperature field which leads to a thermal stress field sim­
ilar to the residual welding stress field. Welding distortions are treated as geometrical 
imperfections. Specific emphasis lies on circular cylindrical shells with circumferential 
butt welds. Some fundamental considerations regarding buckling due to fictitious or 
real thermal loads are presented. 

Introduction 

Shells are very imperfection sensitive with respect to buckling. In the evaluation of 

the stability of welded shells, different sources of imperfections must be considered: 

geometrical imperfections caused by welding distortions or misalignements on the one 

hand and load imperfections by residual welding stresses on the other hand. Several 

design recommendations take these imperfections into account by introducing a knock­

down factor by which the theoretical buckling load, i.e. the buckling load of the perfect 

shell, is multiplied' in order to render a so-called practical buckling load. Tius knock­

down facter is chosen to be small enough to ensure safe and conservative estimates of 

the practical buckling load. In some cases this way is too conservative, i.e. uneconomic, 

and a direct computation of the influence of weld induced imperfections seems to be 

appropriate. 

L. Karlsson, L.-E. Lindgren, M. Jonsson (Eds.) 
Mechanical Effects of Welding 
IUTAM Symposium Luleil/Sweden 1991 
© Springer-Verlag Berlin Heidelberg 1992 
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Estimation of Welding Stresses and Distortions 

Residual stresses and distortions of shells, resulting from weldments depend not only 

on the geometry and material behaviour, but to a large extend on the welding pro­

cedure and eventual heat treatment. Nonlinear-Finite-Element computations allow 

the consideration of the individual influences of the welding process as; for example; 
the sequence in case of multi-path welding (see e.g. [1,2]), and the complex thermo­

visco- elastic-plastic material behaviour (see e.g. [3]). Experimental methods, as e.g. 

described in [1,4), also give information on residual welding stresses. 

Since this paper will not deal with the computation of welding stresses and distortions 

but on their influence on stability, very simple approximations have been used to 

determine (i.e. to assume) the residual stresses and distortions in the considered shells. 

These estimations are based on ideas presented in [5) and applied to circumferentially 

butt welded circular cylindrical shells. 

The approximation of the welding distortions by the so-called "shrinkage-force ap­

proach" is based on the assumption that a constant circumferential tensile stress (To 

acts in a circumferential strip of width 2bp (corresponding to the plastified zone, see 

Fig.l) along the welding seam. In a conservative approach, (To can be estimated by 

(To = (Ty (1) 

with (Ty being the lower value of either the yield stress of the welding material or 

the structural material. Assuming elastic residual stress states, the distortions can be 

estimated by the use of linear elastic solutions of the cylindrical shell under an external 

radial pressure Po acting along 2bp with 

(Toh 

PO=Jl 

h is the shell thickness, and R is the radius. 

I 
---~- ..... --~~ 

I x 

h 

Figure 1. The model for estimating welding distortions 

(2), 
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The well known solution for the radial inward deflection under a radial ring load with 

intensity q (radial force per unit circumferential length) acting at position, (see Fig.I) 
is used as an influence function 

-AI:c-el 
wq(z,,)=qeSA3K (sinAlz-,I+cosAlz-W for z~O (3) 

with 

(4). 

Integration along bp renders an estimation for the residual welding distortions w.(z) 
for z > o. 

For z E [0, bpJ: 

w.(z) = ~: [2-e-A(ZH")COSA(z+bp)-eA(:l:Hp)COsA(X-bp)] (5) 

and for x > bp : 

w,(x) = ~o: [e-A(Z-o,.) COSA(X - bp ) - e-A(.,H,.) COSA(X + bp )] (6) 

For X < 0, the solution is symmetric to the above one with respect to x = o. The 

maximum welding distortion is derived from eqn. (5) at x = 0: 

w.(O) = O'~R (1 _ e- Ab,. cos Abp ) (7). 

In an analogous way, the residual welding stresses can be estimated by superimposing 

the elastic solution of the above load case with a properly assumed residual stress 
field of the undistorted shell (usually the residual welding stress distribution of a 

corresponding butt welded plate is used). According to [5J the extreme values of the 

residual stresses in the distorted shell are approximated by: 

0''f','(0) = O'oe- Abp cosAbp 

0':1:,,(0) = ±30'oV3(I-v2) e- AOp sinAbp 

with (+) at the inner and (-) at the outer shell surface, respectively. 

(S), 

(9), 

In [5J comparisons between measured residual stresses 8lld results obtained by this 

estimation procedure are shown. In Fig.2, this comparison is presented by normalized 

values. In this figure results of a simulation by a fictitious temperature field (see 

following section) are presented, too. These welding residual stresses must fulfill the 

equilibrium conditions which are written in terms of stress resultants as follows: 

dq,(z) +n'f' •• (z) =0 
dz R ' 

dm.(z) () ---a:;;- - q. x = 0 (10). 
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Figure 2. Normalized circumferential welding stress component near the cir­

cumferential weld of a circular cylindrical shell: a) measured results, 

b) approximated by above method and c) simulated by a fictitous 
temperature field 

Consideration of Welding Stresses and Distortions in Discretiza­
tion Methods 

Welding distortions respresent typical geometrical imperfections and can be considered 

by modelling the geometry of the structure appropriately, i.e. an imperfect geometry is 

input to the analysis program. Hence, usual geometrical and material nonlinear anal­
yses handle this welding effect. With respect to welding stresses different approaches 
exist. 

A direct approach is the consideration of welding stresses as "initial stresses" Sij,. in the 
incremental (or incremental-iterative) equations. After discretization - for example by 

finite element displacement functions - the following linearized incremental equilibrium 

equation can be derived, e.g. expressed in Total Lagrangean formulation (the index 

IS' denotes contributions from the residual welding stresses): 

or 
(12). 

m1$M represents that contribution to the tangent stiffness matrix m:§: in equilibrium 

configuration m, which is not explicitly (but implicitly) dependent on the stresses and 

displacements. m1$u is the initial displacement stiffness matrix (explicitly dependent 



www.manaraa.com

243 

on deformations), m~ is the initial stress or geometric stiffness matrix (explicitly 

dependent on the stresses), and mK. results from the initial stresses. Also the in­
~ 

ternal force vector contribution m~. results from these initial stresses. m+l!!- is the 

external load vector in increment (m+1) and mE corresponds to the internal element 

forces corresponding to the stresses in the elements. Equation (11) is typically applied 

iteratively to improve the incremental displacement vector A~. 

Care must be taken to ensure that Sij,. is a self-equilibrated stress field, i.e. the 

equilibrium and boundary conditions 

aSij,. _ 0 
aZj - , Vi (13) 

must be satisfied. Experimental results of welding stresses are normally not exact 
eno·:gh. Hence, the analysis should start with an initial zero external load increment. 

Equilibrium iterations should be performed within this zero load increment which 

modify the initial stress field in order to become a self-equilibrated one. These changes 

in the residual stress field Inight be considerable, if the input initial stresses are far 
from being in equilibrium, and they cause "spurious" distortions in addition to the 

welding distortions regarded by an imperfect geometry in the input (see Fig. 9 in a 

following section). 

Another approach which may be useful in some cases, is to simulate the welding stress 
state by a fictitious temperature field applied to the unloaded welded structure and 

keeping this field constant during incrementation of the real mechanical or thermal 
loading [7]. The corresponding fictitious temperature field can be deterInined either 
by trial and error or by solving an inverse problem. In this way a self-equilibrated initial 

stress field is au~omatically achieved, however, distortions due to this temperature field 

must be expected. An incremental equilibrium equation is obtained which is siInilar 

to eqn. (11), where m~. and m~. are replaced by m~th and m~th' respectively; 

see e.g. [8j. Both approaches are applied in this paper: 

According to the static stability criterion, in the critical state m*, i.e. at bifurcation 

or liInit points, the equation 

(14) 

has a non-trivial solution 5~ =1= 0, and the global tangent stiffness matrix t becomes 

singular at the stability liInit: 

det* K = 0 
~ 

(15). 

TIllS so-called deterIninant criterion is well estabished in computational stability analy­

ses using discretization methods. Eigenvalue procedures have been derived by starting 

with eqn. (14), see e.g. [9,10j. 
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Consideration of the Individual Welding Effects on Stability 

The critical question now is which of the individual welding effects, i.e. welding residual 
stresses or distortions, have a more pronounced influence on the stability behaviour 
of shells. In the case of longitudinally welded, axially loaded cylindrical shells, the 
influence of the residual welding stresses on the stability is very pronounced [11], 
whereas for circumferentially welded circular cylindrical shells under axial loads the 
answer to the above question depends on the radius-to-thickness ratio. 

In [12], L. Hii.fner considered rather thin cylindrical shells (R/h = 500) with a cir­
cumferential weld. Hii.fner's computations illustrate that the perfect unwelded shell 
exhibits elastic nonaxisymmetric buckling and even the welded shell buckles with a 
wave number larger than zero, i.e. nonaxisymmetrically. His results lead to the con­
clusion that the weld effect induced reduction of the critical load for thin axially loaded 
circular shells is mainly due to welding distortions, and the welding residual stresses' 
have a rather small influence, see Fig.3. 
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Figure 3. Load displacement paths for the axially loaded butt welded thin shell 
- taken from [12J 

Hence, the drop-down of the buckling load for such thin shells can be estimated by 
simply considering the geometrical imperfections. This is the reason why Hiifner's 
results agree with the classical results obtained by Hutchinson et al [13]. see Fig. 4 in 
which also results obtained by Amazigo and Budiansky [14] and the well known results 
by Koiter [15] are presented. 

Hafner's computations have shown that the knock-down factor concept of the DASt-
013 design recommendation [16] is sufficiently conservative even for determining the 
stability limit of welded circular cylindrical shells under axial loads, compare Fig. 5. 
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Figure 4. Normalized critical axial load as a function of normalized imperfec­
tion amplitude Ie - taken from [12] 

Pc 
p,.class 
( .8 

·6 

.4 

·2 

o 

. • • 
' .. 

• Measured axial 

buckling loads [17} 

design curves [16] 

150 500 750 1000 R/h 

Figure 5. Measured axial buckling loads [17]. design curves [16}, and results 
computed by Hifner [12] for axially loaded butt welded thin shells -

taken .from [12] 
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As a typical example for a thick walled cylindrical shell a butt welded tube of a buried 

pipeline is treated, see Fig.6. This shell is rather thick walled as indicated by R/ h ~ 46. 
In order to compare the individual influences of the weld effects, the geometrically and 
materially nonlinear behaviour of this shell under axial compression was computed 
assuming different conditions: a) perfect unwelded shell, b) shell with assumed welding 
stresses but without welding distortions, c) shell with assumed welding distortions but 
without welding stresses, d) shell with both welding stresses and distortions. 

Due to the small R/h-ratio, elastic buckling must be excluded, and even in the perfect 
unwelded case, axisymmetric elastic-plastic collapse is the relevant mode of instability. 
Hence, an axisymmetrical model is sufficient. 
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E = 2.1 x 105 N/mm2 

V = 0.3, "'y' 231 N/mm2 

a = 1.2 x 10-5 °c-I 

d = 645.8 mm 

D = 660.0 mm 

q.= 20 N/mm 

k = 8.3 N/mm2 

Figure 6. Geometry and material parameters of the buried pipeline 
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In this analysis welding distortions and residual welding stresses are estimated accord­

ing to the corresponding former section. The residual stresses are considered by initial 

stresses as described in the previous section. The estimated distortions are shown in 

-

- -
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Fig. 7. After application of a zero external load increment to the shell under initial 

stresses assumed in analogy to Fig.2, the resulting initial stresses being in equilibrium 

are presented in Fig. 8. 

As mentioned in a previous section care must be taken regarding the equilibrium of 

the welding stresses. Figure 9 shows how additional "spurious" distortions are pro­

duced by the finite element analysis if the input initial stresses are not in equilibrium. 

In case a) the complete residual stress field is input as determined by the analytical 

"shrinkage-force approach"; the small deviations from the analytically determined dis­

tortions are caused by a slight plastification in a small region at the weld (which is 

not considered in the analytical model). For demonstration purposes in case b) only 

the circumferential residual stress component from the analytical solution is taken and 

zero axial stresses are used as starting situation. Due to the zero-load equilibrium 

iterations a self-equilibrated residual stress field is achieved which is very close to the 

complete analytical solution, however, the additional "spurious" distortions lead to a 

significant change in the geometry, i.e. the imperfection shape. 

.' 

,/ 
i 

i 
i 

l I 
b) """J"'" \/ ---'>.~~.~: ........ . 

x 

Figure 9. Change of welding distortions by non-equilibrated initial residual 
stresses: a) complete analytically determine<l residual stresses used, 

b) (T 'P == (T 'P," (T z = (T z,a used as initial residual stress field 

The incremental-iterative finite element analysis using degenerated axisymmetrical 
shell elements [18Jleads to results as shown in Fig.IO. In contrast to the aforementioned 
investigations of welded thin cylinders, the influence of welding distortions (geometrical 

imperfections) on" the limit load of this rather thick shell is very weak. Here the effect 

of the residual welding stresses is much more pronounced: The onset of plastification 

is, of course, highly influenced by these welding effects. Hence, the stiffness loss starts 

at significantly lower load levels. However, the limit load is not too different from the 

unwelded shell. Nevertheless, the investigations described in the following section will 

show that in many technical applications welding effects must not be disregarded even 
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Figure 10. Load-Displacement paths: a) perfect unwelded shell, b) with weld­
ing stresses and without distortions, c) with welding distortions and 
without welding stresses, d) with both welding stresses and distor­
tions 

in thick shell analyses. 

A more detailed investigation of the post buckling behaviour shows that in the case 
under consideration the welding distortions may even have a certain stabilizing effect, 
see Fig. lla. The reason for this rather unexpected behaviour is shown in Fig. llb: 
The radial welding distortions are inward directed and the postbuckling bulge goes 
outwards. A complete postbuckling path is shown in Fig. 12. 
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Figure 11. a) The effect of welding distortions, b) postbuckling deformations 
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Figure 12. Post buckling behaviour of the welded shell 

Application to the Investigation of the Stability of a Buried 
Pipeline for Hot Water Supply 

Recently, some projects in the field of pipeline construction for the transport of heated 
media were started in which the pipes are embedded without compensators between the 

fixpoints. Hence, if the heated medium transported in the pipline causes a temperature 

rise above the prestressing temperature, i.e. the ambient or stress free temperature, an 
axial compression of the pipe is induced. The pipeline is constructed by butt welding 

circular cylindrical shells the geometrical and material parameters of which are given 
in Fig. 2 (see former section). The thermally induced compression forces may lead to 

instability and localization effects. 

In this respect the complete or overall buckling of the pipeline is considered in [6]. 

There the pipeline is treated as an elastic beam on an elastic foundation free to uplift in 

vertical direction and loaded downwards by the dead load of the pipe, the transported 
medium and the overburden. This buckling problem is very similar to the classical 

problem of thermal buckling of tracks treated in several papers, e.g. [19]. 

With respect to this overall buckling, see Fig. 13, the effect of welding stresses and 
distortions is not directly but indirectly relevant. The localization of axial thermal 
strains due to welding effects influences the temperature - compressionforce - relation. 
As will become clear by the following considerations the residual welding stresses and 
distortions have even a stabilizing effect with respect to ~verall buckling of the pipeline. 

The problem of local thermal buckling of the pipe is treated now. The buckling appers 
at a misalignement caused by a small sudden change of the pipe dimensions at a weld 
which may be the consequence of an unfavourable combination of pipe sections still 
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Figure 13. Thermal over-all beam-mode buckling of the buried pipeline, treated 

in [6,8] 

=-=:--

\ 
wall step 

Figure 14. The wdded pipe connection with a wall step 

within tolerances, see Fig. 14. 

This wall step leads to bending deformations in addition to the membrane state if 

the pipe is compressed due to heating. Consequently,-local plastification takes place 
at a rather low temperature rise. Further heating results in the formation of alocal 

axisymmetric bulge and, finally, the subsequent thermal strains of the pipe are localized 

at this bulge, and the increase in axial forces with increased temperature is reduced. On 
the one hand, this is favorable with respect to the above described overall buckling, 

but 011 the other hand, a limit point problem appears locally at the weld which is 

similar to the 'necking of ductile specimens in the usual tensile test. In this context 

the welding stresses plays an important rele. 

Since the local states of stress and deformation at the wall step are relevant for this 

thermal buckling problem, 2D-axisymmetric continuum dements rather than shell 

elelllellts seem to be necessary to model the rdevant regime of the pipeline. Figure 15 
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ill 

Figure 15. Localization of the axial thermal strains by formation of a bulge 

shows a typical result of such a 2D finite element analysis. 

However, our comparsion analysis performed with the BOSOR 5 program [20J has 

shown that such problems can also be treated with sufficient accuracy by axisymmet­

rical shell models. Hence, the following considerations dealing with the influence of 

welding stresses at the wall step are treated by axisymmetric BOSOR models. In 

this case, the residual welding stresses are accounted for in the model by a fictitious 

temperature field shown in Fig. 3. 

The incrementation of the real temperature (in addition the unchanged fictitious tem­

perature /::{['. and the constant internal pressure p ) leads to the aforementioned bulge 
formation shown in Fig. 16. 

a) 

Figure 16. Misaligned pipe connection: a) superimposed fictitious and real ther­
mal loading /::{['. + TR, b) computed bulge formation 

By consideration of Fig. 17, the individual influences of the butt weld and misaligne­
ment can be evaluated. Some interesting features can be observed. The perfect cylin­

der shows no instability up to the yield limit (at a temperature rise of approximately 



www.manaraa.com

252 

10. 

O. 

I 
I 
I 

- !/,t---t-- - t---t---+----I 

o. .5 1. 2. 3. wm.,[mm] 

Figure 17. Temperature - displacement path for the apex of the bulge 

99°C) . Taking the wall step geometry into account first plastification is observed at 

TR,Y = 70°C and the limit load temperature corresponds to TR,c = 94°C. 
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Figure 18. Growth of plastified regions with increased thermal load 

Despite the fact that the wall step does not show a dramatic reduction in the thermal 

"load carrying capacity for monotonic loading, it should mentioned that such pipelines 
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Figure 20. Displacements at the stability limit 
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are subject to cyclic thermal loads, and hence, plastic damage in terms of low cycle 

fatigue must be considered. In this respect, the wall step must be considered more 
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carefully. This becomes more pronounced if welding residual stresses are taken into 
account as indicated in Fig. 18. The growth of the plastified region with increasing 

temperature load TR is compared for different cases. 

The localization effect becomes obvious if one considers the distribution of the plastic 
axial strains at the stability limit as shown in Fig. 19. Finally, information about the 
sharpness of the bulg at the stability limit can be obtained from Fig.20. 

Thermoelastic Buckling Effects 

III the previous sections the simulation of residual stresses by fictitious temperature 

fields was discussed. As long as thick walled shells are considered, this approach seems 
to be appropriate. However, in case of thin walled shells the thermal distortions in 
conjunction with the stresses due to this fictitious temperature field may lead to unex­

pected effects with respect to stability. This is shown by the following investigations 
which can also be useful for the stability analysis of shells during annealing (often 
performed after welding). 

In order to demonstrate the above mentiolled effect, it is instructive to consider a 
somewhat academic problem: the infinitely long cylindrical shell under a thermal step 
load as illustrated in Fig 21. 
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Figure 21. The infinitely long cylindrical shell under a thermal step load 

One of the classical solutions of this problem is published by W.Fliigge [21] where 

the influence of prebuckling deformations on the critical tempera.ture rise tYI'~IQ," is 

disrega.rded. 
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In a more recent paper, D.Bushnell [22] concluded from his nonlinear computational 

investigations using the determinant criterion (eqn. (15» that the cylindrical shell 

hardly buckles under a thermal step load. His conclusion is based on the observa.tion 

of an increasing determinant with increasing temperature which is a consequence of 

the stiffening effect due to thermal prebuckling deformations forming the cylindrical 

shell into a doubly curved shell. Bushnell investigated a circular cylindrical shell of 
following parameters: 

R = 2540mm (100"), h = 25.4mm (1"), E = 2.068 X 105 N /mm2 , v = 0.3, 
Q: = 1.8 X 10-5](-1. 

In [22] the nonlinear stability analysis is performed under the assumption of a circum­
ferential wave number (n = n~lau = 14). The behaviour of the normalized determinant 

detmK 

detnmK= ~ 
~ detOK 

~ 

(16) 

as a. function of temperature rise is shown in Fig. 22 in which the result of [22] is 

denoted by "BUSH85". 
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Figure 22. Normalized determinant vs. normalized temperature rise for differ­

ent buckling wave numbers 

If the nonlinear stability analysis is performed with varied n, it is easy to recognize 
that n~la .. does not remain relevant if prebuckling deformations are taken into account. 

The academic example demonstrated here (which has no physical evidence since un­

realisticly high Me-values are computed under assumptions which are chosen to be 
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comparable with [22]) shows a critical circumferential wave number ne = 34 instead 

of 14 and a critical temperature rise which is about twice the classical value. Figure 

23 shows the prebuckling deformations and the relevant buckling mode. 

Figure 23. Prebuckling deformations (a) and buckling mode (b) of the cylindri­
cal shell under a thermal step load 

This example has shown the significance of prebuckling deformations in stability con­

siderations of thermally loaded shells and shells for which residual welding stresses 
are simulated by fictitious thermal loads. A more practical example is treated now: 

the stability of a hemispherical shell during annealing. The shell is clamped at its 
boundary (e.g. welded to a rather rigid supporting structure) and heated up by an 
axisymmetrical temperature field 

(17). 

The following geometrical and material data are chosen: 

R = 2500mm,h = 4mm,E = 7.22 x 104N/mm2,v = 0.34,a = 2.4 x 10-51(-1. To 

demonstrate fundamental features only, the problem is treated as linear thermo-elastic, 

and initial welding stresses and distortions are not taken into account. Hence, these 

very local effects at the boundary are not taken into account. Performing a nonlinear 

incremental analysis analogously to the cylinder example described above we obtain 

the following results: 

The hemispherical shell buckles with a very high circumferential wave number at a 

critical temperature rise Toe :::::: 344°C which may be further reduced due to residual 
welding stresses and distortions as well as due to plasticity effects! Hence, care must 

be taken with respect to buckling if thin welded shells are annealed! 

In Fig. 24 the temperature field, the circumferential nlembrane force, and the radial 

displacement at the stability limit are presented. The buckling mode is also shown in 
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Figure 24. a) Temperature field, radial displacement and circumferential mem­

brane force at the stability limit, b) buckling mode 
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Figure 25. Normalized determinant, circumferential wave number n = nc = 79 

this figure and is restricted to a rather narrow regime near the boundary. 
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The behaviour of the normalized determinant of the tangent stiffness matrix is shown 
in Fig. 25. In this case, it is not as dramatic as in the previous cylinder example. 

Conclusions 

The relative thickness of the shell determines whether residual welding stresses or 
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welding distortions have a dominant influence on the stability limit. While thin shells 

have a more pronounced effect on distortions, in thicker shells residual welding stresses 

must not be ignored since they cause the onset of early plastification. 

It is shown that the consideration of residual welding stresses in discretization meth­

ods requires some attention. If the directly input residual stresses are not fully self­

equilibrated zero-load equilibrium iterations should be used and "spurious" distortions 

must be expected. If welding stresses are simulated by fictitious temperature loads self­

equilibrated residual stresses are achieved automatically but additional distortions are 

caused. 

If annealing processes are investigated, care must be taken with respect to the influence 

of thermally induced prebuckling deformations on the stability limit. This influence 

can only be characterized if geometrical nonlinearities are considered in the buckling 

analysis. 
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Summary 

In this paper, stiffness of plates in compression was discussed considering 
the influences of initial deflection and welding residual stresses. For 
this purpose, an elastic large deflection analysis was performed in an an­
alytical manner, as well as an elasto-plastic large deflection analysis by 
the finite element method. It has been found that: 
(1) Initial deflection reduces the stiffness of a compressed plate accord­
ing to its magnitude. 
(2) Welding residual stresses do not affect the stiffness itself but buck­
ling load. Consequently, they affect only the load at which the stiffness 
changes due to the occurence of deflection in the elastic range. 

1. Introduction 

Recently, High Tensile Steel bas become widely used in structures, and this 

enables to reduce the plate thicknesses and hence the weight of structures. 

However, to use the High Tensile Steel effectively, the plate thickness may 

become so thin that the occurence of elastic buckling is inevitable and 

design allowing. plate buckling may be necessary. In this case, precise as­

sessment of the stiffness of plates above buckling load is important con­

sidering the influences of initial deflection and residual stresses due to 

welding. In this paper, series of elastic and elasto-plastic large deflec­

tion analyses were performed to estimate the influences of welding imper­

fections on stiffness of plates. 

2. Initial Imperfections Produced in Plates due to Welding 

A plate element from a stiffened plate assemblage is considered in this 

paper. The plate has an initial deflection generally of a complex mode as 

illustrated in Fig. 1 (a). Assuming that a plate element is simply sup­

ported along four edges to represent the assemblage continuity, the initial 

deflection can be expressed in a general form as: 
"" A • rmrx . 1!!!li Wo = £.£JiDmnSl,n-a sl,no (1) 

L. Karlsson, L.-E. Lindgren, M. Jonsson (Eds.) 
Mechanical Effects of Welding 
IUTAM Symp"sium LuleAlSweden 1991 
© Springer-Verlag Berlin Heidelberg 1992 
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The total deflection of a plate under external load may be expressed in the 

same form as initial deflection for the simply supported condition. 

<'<'. • mrrx • ?!!!Ii 
r.J = <-""'mn S1-n-a s1-no (2) 

When a plate is subjected to uni-axial compression in x-direction, many 

components in the x-direction may increase, but only the first component, 

sin(wy/b), in the y-direction will increase. In this case, expressions for 

the initial and total deflections may be simplified as: 

(3) 

(4) 

The shape of initial deflection was measured on 42 panels at the deck of 

100,OOODWT bulk carrier. Applying the method of least squares on the meas­

ured results of deflection along the centerline of a panel in longitudinal 

direction, the coefficients. Ao m, were evaluated taking m up to 11. It was 

found that one half-wave component was the largest and the coefficients of 

odd terms were greater than those of even terms when a heat treatments were 

not carried out to remove welding distortions in the plates. These fea­

tures are the same as those observed in the previous measurements [1]. and 

result in a so-called hungry-horse mode of initial deflection. 

In Ref. [1], an idealized mode of initial deflection was proposed, which 

consists of a flat portion in the middle and a quarter of a sine wave at 

both ends. This mode cons isis of only odd terms. In this paper. some modi­

fications were made introducing small even terms. The coefficient of the 

2nth even term was taken as 1/5 of the coefficient of (2n+l) th term. The 

coefficients of the proposed idealized initial deflection are given in 

Table 1. These modes represent the general features of the measured ones. 

The residual stresses in the plate are produced by either fillet welding 

of stiffeners to plates or butt welding of plates. At the middle portion 

of the plate'. the former produces compressive residual stresses, whereas 

the latter tensile residual stresses. In both cases, rectangular distribu-

yt. __ .
n 

•• __ •
n

• __ • __ •
n 

__ 
a ____ • __ .u.n. ____ • n , . . , , 

i I 

: -.-;;--1r ----- ! b 

l.~~~~:::~~~.i~~ . .' n __________ • ________ .J lx 
(a) Initial deflection (b) Residual stresses 

Fig. 1 Initial imperfections produced by welding 
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Table 1 Coefficients of component modes of idealized initial deflection 

alb AOl/t A.z/t 
l<a/b<,I2" 1.1158 -0.0276 

,12" sa/b < ~ 1.1421 -0.0457 
~ ~ alb < M 1.1458 -0.0616 

msa/b<,I20 1.1439 -0.0677 
I2D" ~ alb < 130 1.1271 -0.0697 

A .. /t 
0.1377 
0.2284 
0.3079 
0.3385 
0.3483 

A •• /t Aos/t A .. /t A07/t 
0.0025 -0.0123 -0.0009 -0.0043 
0.0065 0.0326 -0.0022 -0.0109 
0.0229 0.1146 -0.0065 0.0327 
0.0316 0.1579 -0.0149 0.0743 
0.0375 0.1787 -0.0199 0.0995 

A .. /t A .. /t AOl• It A. ll It 
0.0008 0.0039 -0.0002 -0.0011 
0.0010 -0.0049 -0.0005 0.0027 
0.0000 0.0000 -0.0015 -0.0074 
0.0059 0.0293 -0.0012 0.0062 
0.0107 0.0537 -0.0051 0.0256 

tions were assumed as indicated in Fig. 1 (b) From the self-equilibrating 

condition of welding residual stresses, the following equation is derived. 

(5) 

In the analysis, the four edges of a plate were assumed to remain straight 

while ~ubjected to in-plane movement. 

3. Method of Theoretical Analysis 

3.1 Elastic large deflection analysis 

When a flat plate is loaded by a compressive in-plane force, the plate 

undergoes buckling. If a plate is initially deflected, lateral deflection 

increases from the beginning of loading, but the increase of deflection is 

small until the load reaches near the buckling load. This behaviour exhibits 

the geometrical nonlinearity. To analyze such behaviour, an elastic large 

deflection analysis was performed in an analytical manner with the initial 

and total deflections expressed by Eqs.(3) and (4). 

3.2 Elasto-plastic large deflection analysis 

When a plate is further loaded, the yielding takes place. The behaviour 

after initial yielding up to collapse exhibits the material nonlinearity as 

well as the geometrical nonlinearity. To analyze such behaviour, an elasto­

plastic large deflection analysis was performed applying the finite element 

method. 

4. Influence of Initial Deflection on Stiffness of Compressed Plates 

4.1 Short plates 

When a short plate is compressed, only the term, Al , in Eq. (4) increases 

with all increase of compressive load. In this case, elastic large deflec­

tion behaviour ~f a plate can be accurately approximated by Eqs. (AI), (A2) 

and (A3) in Appendix taking m as 1. The results of elastic large deflection 

analysis for the plate of alb = 0.8 are plotted by dashed curves in Figs. 2 

(a), (b) and (c). The magnitude of initial deflection are taken as 0.0, 

0.01, 0.25, 0.5 and 1.0 times the plate thickness. 
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These figures indicate that the in-plane rigidity abruptly changes at the 

buckling load when a plate is flat. When a plate has small initial deflec­

tion, the in-plane rigidity rapidly decreases as the compressive load ap-

proaches the buckling load. When initial deflection is large, the plate 

shows low in-plane rigidity from the beginning of loading. The rigidity 

decreases with an increase in compressive load. 

To check the influence of yielding on in-plane rigidity, a series of elasto­

plastic large deflection analysis 

was also performed. Two cases were 

considered either elastic or plas­

tic buckling takes place when the 

plate is initially flat. The re-

suIts are shown by solid curves in 

Fig. 2. 

It is known that the in-plane ri-

gidity rapidly decreases with the 

spread of plastic zone after yield­

ing has started especially when the 

plate is thick. 

It may be said that the in-plane 

rigidity of a plate with initial 

deflection never goes below that of 

a flat plate after buckling until 

yielding takes place. 
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0, f>.: INITIAL YIELDING 
-"'---: ANALYTlCAL(ELASTlC) 
--: FE~I(ELASTO-PLASTlC) 

1.0 2.0 3.0 4.0 
EIEcre 

Average stress - strain 
relationships 

Fig. 2 Behaviour of short 

0.5 

o,Ll.: INITIAL YIELDING 
-----: ArlALYTlCAL(ELASTlC) 

FEM( ELASTO-PLASTlC) 

(Ty = 28 kgf 1"",2 

E = 21,000 kgf 1"",2 
Et = 0 

OL-~~~~----~----~~----~ 
1.5 wIt 2.0 

2.0 

1.5 

1.0 

(a) Average stress - deflection 
relationships 

o ,f>.: iNITIAL YIELDING 
-----: ANAL YTI CAL (ELASTI C) 
-: FEM(ELASTO-PLASTlC) 

0.5~§~ 

o 0.2 0.4 0.8 d(T 
<re/E 

(c) Average stress - rigidity 
relationships 

plate under thrust 



www.manaraa.com

265 

3.2 Long plates 

A series of elastic large deflection analysis was performed on the plates 

of which shapes of initial deflection were measured in Chapter 2. One of 

the typical results are shown in Fig. 3 (a), where the relationships between 

the average compressive stress and deflection components are plotted. 

All component modes of initial deflection increase until the load approach­

es the buckling load, but all except one mode (m = 5) diminish above the 

buckling load. Considering such behaviour of a long plate under increasing 

load, uni-modal analysis was performed taking only the stable deflection 

component, As. giving only the corresponding component of initial deflec­

tion, Aos. The magnitude of initial de-

flection was taken the same as that of 

the multi-modal analysis. The calculat­

ed result is plotted in fig. 3 (a) by a 

dashed curve. It is known that the re-

lationship between the average stress 

and the deflection component, As, is al­

most the same for both cases. 

For these two cases, the average stress­

strain relationships are compared in 

Fig. 3 (b), and the changes in rigidity 

with an increase of load in Fig. 3 (c). 

These figures indicate that the behav­

iour of a long plate with complex multi-
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modal initial deflection is approximately known by performing uni-modal an­

alysis with initial deflection of which mode coincides with the stable mode 

above the buckling load. 

A series of elastic large deflection analyses was performed on a rectangular 

plate with idealized initial deflection in Table 1 to know the stable de­

flection mode above the buckling load. The aspect ratio of the plate was 

changed up to 5.0. The stable deflection mode for various magnitudes of 

initial deflection is indicated in Fig. 4 together with the in-plane rigid­

ity above the buckling load. 

It is well known that the buckling mode changes from m half-waves to m+l 

0.8 
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half-waves in the loading direction at the aspect ratio of Im(m+l). How­

ever, the stable mode does not necessarily coincide with the buckling mode 

when the plate is accompanied by initial deflection. Figure 4 indicates 

that the stable mode of even half-wave numbers does not appear when a large 

initial deflection exists in a hungry-horse mode. 

A series of elasto-plastic analysis was also performed on the same rec­

tangular plate in Fig. 4. The magnitude of initial deflection was taken as 

0.01 times the plate thickness. The evaluated ultimate strengths are plot­

ted in Fig. 5. The solid curves represent the ultimate strength when com­

pletely uni-modal collapse takes place in a long plate. For certain ranges 

of aspect ratio, the collapse mode is not uni-modal. This may be because 

yielding has started before the stable deflection mode is attained. 

It should be noted that both the in-plane rigidity and ultimate strength 

show abrupt changes at the aspect ratio where the stable deflection mode 

terminates. 

4. Influence of Welding Residual Stresses on Stiffness of Compressed Plates 

The influence of welding residual stresses was also examined by performing 

elasto-p1astic large deflection analysis. The results for a short plate are 

shown in Figs. 6 (a) and (b). It is observed that the in-plane rigidity in 

the elastic range above buckling load is not affected by residual stresses. 

Only the buckling load is affected, and hence the start of reduction in ri­

gidity. After yielding has started, the behaviour is influenced by residual 

stresses especially when compressive stresses exist in the middle portion 

of the plate. 
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Fig. 6 Influence of welding residual stresses on behaviour of 
compressed plate 
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5. Conclusions 

(1) The in-plane rigidity of a compressed plate decreases with the in­

crease in the magnitude of initial deflection, but it never goes below that 

of a flat plate after buckling in an elastic range. 

(2) As the compressive load increases above the buckling load, the in-plane 

rigidity approaches to that of a flat plate asymptotically after buckling. 

(3) When a plate is under thrust in the direction of its shorter side, the 

in-plane rigidity is reduced according to the magnitude of maximum initial 

deflection. 

(4) When a plate is under thrust in the direction of its longer side, 

the in-plane rigidity is not so much reduced even if the magnitude of max­

imum initial deflection is large. 

(5) Welding residual stresses do not affect the in-plane rigidity itself 

but have influence on buckling strength in the elastic range. 
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Appendix: Fundamental Equations for Uni-nodal Analysis 

When only Aom and Am are taken as the initial and total deflection, the 

equilibrium equation in the elastic range is expressed as follows [2]: 

(A1) 

where 

f(y) and g(."l:)represent the residual stress in x- and y-directions, re­

spectively. The average compressive strain in this case is expressed as: 

e; = Y(Am2 - Aom 2 ) + erIE (A2) 

where y = 1T2/~a2. The in-plane rigidity is then represented as: 

derIde; = E/{ 1 + 2yEI (20. + f3AomIAm3)} (A3) 
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Summary 

In this paper. multi-layer/DR combination method is used to study 
the buckling behaviour of plates. giving a detailed discussion 
for the influence of the parameters. such as loading and boundary 
conditions of the plate. the slenderness of the plate. the mode 
of the residual deformation and the distribution of the residual 
stresses. 

I.Introduction 

Welding is a main connection method of steel components. Residual 
stresses and deformation will occur in part of the components 
because of non-uniform expansion with heat and contraction with 
cooling during welding process. They are initial imperfection of 
components. Initial imperfection has a certain effect of the 
buckling behaviour of a plate. It makes the practical panel not 
matching with the ideal flat panel which is a basic assumption in 
the theory of linear elastic buckling. Therefore. the theory of 
classic linear buckling does not always predict the ultimate 
capacity of plates correctly. But before 1970s • there were only 
few series of solutions and classical finite difference solutions 
for the nonlinear analysis of plates with initial imperfections. 
And they were not enough to be used in engineering practice. 

Since 1970 • researchers in Great British had studied the elasto­
plastic large deflection behaviour of plates wi~h initial 
imperfections. 
[1] and [2]. 

The typical results of them can be seen in Refs. 

L. Karlsson, L.-E. Lindgren, M. Jonsson (Eds.) 
Mechanical Effects of Welding 
IUTAM Symposium LuleoilSweden 1991 
© Springer-Verlag Berlin Heidelbere 1992 
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It is complex to research the influence of residual stresses and 
deformation on ultimate capacity of a plate. for there are many 
parameters concerned. such as loading and boundary conditions of 
plates the slenderness of plates. the mode of the residual 
deformation and the distribution of the residual stresses. In 
the paper. multi-layer/dynamic relaxation method is used to study 
the buckling behaviour of plates. giving a detail discussion for 
the influence of the parameters referred above. 

2.Method of Analysis Used in the Present Paper 

The method used in this paper is a multi-layer/DR combination. 
The basic equation is Von Karman's large deflection equation in 
the incremental form. 
quantities. Governing 
difference technique. 
toward its thickness to 

The.displacements are taken as unknown 
equations are dispersed by finite 

The plate is divided into five layers 
simulate the elasto-plastic behavior. 

Ideal elastic-perfectly plastic material is assumed. although a 
form of isotropic hardening has been added to the routine. 

The multi- layer/DR combination analysis followed a step-by-step 
procedure with continuously updated stiffness matrix to allow for 
plasticity. In the main iterative loop of the DR program. at the 
first the forced displacement increments are given on the 
loading edges of the plate. After the equilibrium state has been 
attained at each. load increment. the incremental strains and 
curvatures in each layer are evaluated using previous multi-layer 
stiffness and total stresses in each layer. Based on Von Mises's 
yield criterion • the elasto-plastic condition of each discrete 
element is judged. For un-yielding element. elastic stiffness 
matrix is remained. And for yielding element. the plastic strain 
rate multiplier. l • is calculated according to Prandtl-Reuss 
flow rule. ~f l < O. it means un-loading from yielding surface. 
and the stiffness is reset at their elastic value. 
If l > 0 • elasto-plastic stiffness matrix is calculated. The 
average in-plane rigidities and average bending rigidities of the 
plate can then be given from a numerical integration of the in­
plane moduli of five layers through the plate. They will be used 
in the next loading increment. Then another forced displacement 
is given. 

The detailed description of DR program is in Ref. (3]. 
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3.Details of Present Analysis 

3.1.Residual stresses. 

Two types of distributions of residual stresses are considered in 
this paper. One is taken as an idealized distribution of 
residual stresses consisting of stress blocks with tensile yield 
zones at the panel edges and a uniform compressive stress block 
across the remainder of the panel. This form is used in the 
plates of which slenderness is smaller than 80. Slender panels 
are unable to sustain any significant uniform compressive 
stresses so an improved distribution of residual stresses is 
used to establish a more meaningful initial state. The idealized 
block is first applied to the panel in the presence of the 
required geometric imperfections. Iterations of the main DR loop 
are then performed. The residual stresses tend to magnify the 
initial deformation so the magnitude of initial deformation 
before starting calculation is factored down to produce the 
required deflection level (equal to the required deformation), 
associated with a set of in-plane and bending stresses which are 
in self- equilibrium. This improved self-equilibrating stress 
distribution is then used as the starting point for the main 
loading. 

The compressive residual stress levels have been restricted to 
0.30" G' and 0.10" I> in x and y directions,respectively. 

3.2. Residual Deformation 

The initial deformation patterns discussed in the paper are 
assumed in double sinusoidal shapes of magnitudes varied with 
slenderness of the plate, which can be expressed as follow: 

(J) 

while w,,=aI165 (0" 0/355 -p, as defined in BS5400. It can also be 
seen in Fig. 1. 

3.3. Boundary and Loading Conditions 

The boundary displacements and the loading condition of the plate 
are dealt with as follows. For the loading edges, forced 
displacements are given according to the loading conditions. The 
loading conditions considered in this paper are pure shear and 
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uniform compression in one direction see Fig. 2 ). The 
displacement increment given at each step is 

11 v=a. (y /y ,,)a (2-a) 

11 u=a. (8 /6 .) a (2-b) 

--------
I 
> 

<1 

--------x 

Fig.2 Loading Conditions 
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Fig.l Initial Deformation Modes 

where mean yield strains. and a is the length of the plate. 
see Fig.2. is a parameter to control the magnitude of forced 
displacement increments. In an elastic range. is large; while 
in elasto-plastic range. is taken as a smaller value. 

Regarding the out-of-plane restraints along the four edges of the 
plate • a simply supported condition is assumed. As for the in­
plane displacements along the non-loading edges. three types of 
boundary conditions are considered. which are: no displacement in 
perpendicular direction to loads. Eq. (3-a); free displacement 
under stress free condition • Eq. (3-b); and uniform displacement 
in perpendicular direction to loads. Eq.(3-cl. 
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A u=O.O (under pure shear) (3-aO 

A v=O.O (under uniform compression) (3-a2) 

A Ny=O.O, A u,A v are free (3-b) 

J;a ydx =0.0, (on top and bottom edges) (3-c) 

4. Results of the Analysis and Discussions 

4.1.The Influence of Residual Stresses on Compressive Panels 

Figure 3 shows the effects of residual stresses and the initial 
imperfection on the plate which is loaded by uniform 
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Fig.3 Initial Imperfection VS The Behabiours of Compressed Plates 

compression. The in-plane movements of the bottom and the top of 
the plate are uniform (the third boundary condition). The figure 
explains the following things. For a thicker plate (b/t=40), 
severe initial deformation decreases the ultimate capacity of the 
plate to a high degree; the effect of residual stresses is making 
the yielding earlier. The ultimate capacity is reduced by about 
4% for the case of the plate with resi'dual stresses. For a 
slender plate (b/t=60), more severe initial deformation does not 
affect on the plate in same degree as on a thicker plate. Both 
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in- plane rigidity and ultimate capacity are reduced according to 
the magnitude of initial deflection. but the decrease of ultimate 
capacity is not so much comparing to the thicker plate. 

4.2. The Effect of Residual Stresses on Plates Loaded by Shearing 

Figure 4 shows typical average stress-strain curves for shearing 
plates with residual stresses in longitudinal 
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direction. It demonstrates that the effect of residual stresses 
on a plate of which slenderness bit is 160 is more remarkable 
than on a plate of which bit is 120. In the former. the ultimate 
capacity 
that is 
boundary 
stresses 
Fig. 4b. 

of the plate is reduced by 20%. while in the latter. 
reduced by about 8%. Corresponding to two types of 
conditions of the plate. the effect of residual 
is not different seriously Judging from the results in 

4.3. Effects of Initial Deformation Modes on the Behaviour of 
Plate 

Figure 5 gives average stress-strain curves of plates loaded by 
shearing. The results shows that initial deformation modes do 
not exert a remarkable effect on plates loaded by shearing. This 
is because after it is buckled by shearing. a thinner plate will 
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form a inclined tensile field (see Ref. [4 ]) to bear more shear 
forces. The inclined membrane tensile force tends to decrease 
the initial deformation so its effect can be reduced to a 
certain degree. 
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Fig.5 Initial Imperfection modes VS The Behaviours of Shearing Plates 

5.Conclusion 

5.1. When compressive force is applied for a thicker plate (b/t= 
40 ) , severe initial deformation decreases the ultimate capacity 
of the plate· to a high degree; the effect of residual stresses is 
making the plate into yielding earlier. The ultimate capacity is 
reduced by about 4% for the case of the plate with assumed 
residual stresses. For a slender plate (b/t=60) , more severe 
initial defurmation does not exert effect on the plate in the 
same degree as on a thicker plate. 

5.2. When shear force is applied, the effect of residual stresses 
on a plate of which slenderness bit is 160 is more remarkable 
than on a plate of b/t=120. In the latter, the ultimate capacity 
of the plate is reduced by 8% , while in the former, that is 
reduced by about 20%. 

5.3. When shear force is applied, the effect of residual stresses 
on the plate which is restrained at non-loading edges is not 
different seriously from that on the plate of which top and 
bottom edges are stress free. 
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5.4. Initial deformation modes do not exert a remarkable effect 
on the behaviour of plates loaded by shearing. 
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Summaty 

The transverse point mobility for a straight spot welded box beam loaded with a transverse end 
force is calculated numerically by use of the FE-code ABAQUS. The influence of the residual 
stress field caused by the spot welding and (approximately) by the cold forming on the 
harmonic response is studied in particular. The residual deformations and stresses caused by 
the spot welding are estimated using a simplified approach (employing FEM) where the 
temperature field present during welding is not modelled in detail. This approach is calibrated 
against calculated results from a detailed 3D-analysis of welding of one spot. The lowest 
eigenfrequencies of the box beam are found t~ decrease about 10 % when residual stresses 
from the manufacturing processes are considered. 

Introduction 

Resistance spot welding has been used for over 100 years as a manufacturing process for 

joining parts of thin-walled structures. Today the method dominates fabrication in the 

automobile industry. There are, for example, more than SOOO spot welds in the body and frame 

components of a car. 

One major difficulty (from a mechanical point of view) experienced with spot welds is the low 

fatigue strength compared with that of the unaffected base metal. This is due to the crack-like 

geometry (normally) created at the weld nugget where large tensile residual stresses are 

formed, and where t~e material may have been embrittled by the temperature history during 

welding. This local lowering of the fatigue strength has been demonstrated in numerous 

experiments and fracture mechanics analyses, several references have been collected in Radaj 

[1]. Fatigue of spot welded box beams, which may be enhanced by large deflections of the 

flanges between the spots, have been studied analytically and experimentally by Oshima and 

Kitagawa [2]. The present paper focusses, however, on another problem where residual stresses 

caused by the manufacturing will affect the mechanical properties of the complete structure, 

namely the harmonic response due to vibrating design loads. It is well known that large tensile 

residual stresses in a small region near the spot weld are balanced by compressive stresses in 

remote regions of the structure. 

L. Karlsson, L.-E. Lindgren, M. Jonsson (Eds.) 
Mechanical Effects of Welding 
IUTAM Symposium LuleAlSweden 1991 
© Springer-Verlag Berlin Heidelberg 1992 
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For the box beam geometry studied here the regions which deflect in the lowest vibrational 

eigenmodes are found to have compressive welding residual stresses. Thus one may expect a 

lowering of the eigenfrequencies of a spot welded box beam. This effect has been observed for 

stiffened butt welded plates, see Kaldas and Dickensson [3]. 

Weldin~ residual stress field By use of FEM it is possible to follow, in detail, the 

temperature- and corresponding stress history during welding and during cooling after welding. 

Complex nonlinear relations for the constitutive behaviour may also be employed. Such 

analyses to obtain the shape and magnitude of the residual stress field at one spot weld have 

been performed by, for example, Nied [4] and Schr&ler and Macherauch [5]. 

However, for built-up spot welded structures, like the present box beam, it is not practically 

feasible to carry out a detailed FE-analysis of the welding of each spot, since the computer 

time needed will be prohibitively high. Furthermore, insufficient knowledge of the material 

behaviour and the necessity of use of several simplifying assumptions regarding the geometry 

underline that a simplified approach is needed. Therefore, we propose that the welding residual 

stress field is obtained as proposed in 10sefson [6] by assigning to each spot (only) an 

idealized temperature history. Thus, the development of the temperature field during welding 

and subsequent cooling is not followed in detail. 

Present study The harmonic response of a spot welded box beam is studied numerically by 

use of the FE-code ABAQUS [7]. The particular box beam studied models a straight part of a 

beam that extends (longitudinally) from the front to the passenger compartment in a car. Figure 

1 shows the box beam studied. The transverse end force applied in the harmonic response 

analysis is also included in this Figure. The wall thickness of all parts is 1.5 mm. Ten spot 

welds, with the spacing 50 mm, are located at each of the two flanges, thus connecting two 

halves (one small at left and one larger at right) of the box beam. The material in the box 

beam is a C-Mn steel which contains less than 0.1 % C and about 0.2 % Mn. The virgin yield 

stress of the base metal is 250 MPa. 

The influence of the residual stress field from the spot welding and from the cold forming on 

the harmonic response is studied in particular. The analysis is divided into three parts: First, 

the history of the local temperature-, strain- and stress fields present during welding of one 

spot are calculated in detail using a 3D-model. This detailed analysis is divided into two 

subsequent parts: First, a heat transfer analysis is performed where the history of the 

temperature field is determined. Thereafter, a thermo elasto-plastic analysis is performed and 

the history of the stress field is calculated from the results of the heat transfer analysis. Figure 

2 shows the time history for the clamping force and for the heat supply used here for the spot 

welding process. A simplified local model employing shell elements and a rudimentary 

temperature history is created and adjusted to give qualitatively the same results as in the 

detailed 3D-model. 
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Fig. 1 Geometry for box beam studied. 
Spacing between spots is 50 mm. Figure is 
drawn to scale. Total length of box beam 
is 500 mm. Location of transverse end 
force for dynamic analysis 
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Fig. 2 Assumed time history for clamp 
force and heat supply in local analysis of 
one spot weld 

This simplified method is then used for the calculation of the welding residual stress field 

(from each spot) in the box beam model. A simplified method to simulate residual stresses 

from cold forming using a temperature field is also proposed. Finally, based on the estimated 

residual stresses from the manufacturing process, and on assumptions on local damping in the 

flanges of the box beam, the harmonic response is calculated. 

FE-models used 

Local 3D-model of one spot If all spots are formed simultaneously, which is assumed here for 

simplicity of calculations, we only need to study one half of a spot weld spacing. This is 

because symmetry copditions can be used to model neighbouring parts of the local model, 

since a small part of the beam far away from the ends of the beam is studied. The in plane 

rotations are deleted at the nodes of the two planes of symmetry that are perpendicular to the 

longitudinal direction of the beam. At one of these two planes the out of plane displacements 

are also deleted, while' at the other plane the out of plane displacements are equal at all nodes. 

At the symmetry plane parallel to the longitudinal direction, both the in plane rotations and the 

out of plane displacements are deleted. Furthermore, one of the nodes of the model is 

constrained in the vertical direction to prevent rigid body translation. 
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The flanges of the beam are modelled with eight-node solid elements to include effects of 

stresses and defonnations perpendicular to the flanges due to the electrode forces. Since other 

parts of the beam are not subject to such loadings they are modelled with four-node shell 

elements. The left and right halves of the box beam share nodes at the flanges at the electrode 

positions only. Uni-axial contact elements are added between other nodes of the flanges so that 

they are not allowed to penetrate, but are free to separate from each other. In the thennal 

analysis these parts of the flanges do not interact. The electrodes are not included in the 

mechanical FE-model since they can be regarded as very stiff compared to the heated flanges. 

Instead they are assumed to be rigid and in full contact over the contact region where a 

resulting mean pressure of 200 MPa is developed. 

Local simplified shell model of one spot In the simplified local model employing four-node 

shell elements, the heat transfer during the welding is not followed. Instead, the temperature is 

increased 1400 ·C at nodes located in the weld nugget. All other nodes are kept at ambient 

temperature. Since shell elements can not defonn in the thickness direction, local transverse 

defonnations caused by the electrodes can not be modelled. The local 3D and shell FE-meshes 

are displayed in Fig. 5 below. The number of degrees of freedom (dofs) for these FE-models 

are about 6300 and 1300 respectively. 

Global shell model of box beam The FE-model of the complete box beam is displayed in Fig. 

1. Also here four-node shell dements are employed. At both ends of the box beam, a rigid 

massless membrane is attached. One of the membranes is connected to the ground through six 

springs, one for each global degree of freedom, with stiffnesses chosen such that the 

corresponding "rigid body" eigenfrequencies fall well below the eigenfrequencies for the box 

beam. For all FE-models, that is for both solid and shell elements, thennal strains are evaluated 

at the centroid point to ensure consistency between thennal and mechanical strains. 

Material data TQ simplify the numerical calculations, and to account for uncertainties in values 

for the material parameters, constant values for all material parameters are employed in the 

heat transfer analysis. Thus, the thennal conductivity A. = 45 W/mK, the specific heat c = 450 

J/kg ·C and the density p = 7800 kg/m3• In the mechanical analysis, the material is taken as 

thenno elasto-phistic employing the von Mises yield function and an associated flow rule. The 

material fonning the weld nugget between the electrodes will reach austenitization temperature 

when heated. During the subsequent rapid cooling phase transfonnations to ferrite and 

subsequently to bainite will take place. The temperature variation for the yield stress of this 

m~terial is calculated, at each temperature, by linear volume fractioning from values of the 

different phases present taken from the literature. The temperature variation of the hardening is 

more difficult to predict. Hardening is high at lower temperatures (below 600 ·C) while plastic 

strains accumulate mainly at higher temperatures. Furthennore, it is argued that the heat 

affected material will loose part of its memory during the final phase transfonnations, see 

Leblond [8]. 
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Fig. 3 Temperature dependence of material parameters employed in mechanical analysis for 
low alloyed C-Mn steel 

Due to these uncertainties of the hardening behaviour, the heat affected material is taken as 

elastic ideally plastic. No effects of latent heat production in the thermal analysis nor volume 

changes and transformation plasticity in the mechanical analysis are included in this material 

model. The temperature variation of the yield stress and the hardening modulus for the material 

outside the spot weld is taken from the literature (this material does not experience phase 

transformations). Figure 3 summarizes the values used for the material parameters in the 

mechanical analysis. 

Local temperature field at one spot 

In resistance spot welding the workpieces are heated due to the Joule heating process when the 

weld current passes through the workpieces between the electrodes. Here, the heat power 

supplied is assumed to be uniformly distributed over the cylindric material volume between the 

electrodes with the magnitude adjusted to give a correct maximum temperature as compared to 

values from literature. 

The heat conduction from the flanges to the electrodes (during the weld cycle) is simulated as 

convective heat transfer with a temperature dependent heat transfer coefficient, see [5]. Other 

surfaces of the FE-model are assumed to be cooled by the surrounding air through natural 

convection. The heat transfer analysis shows that cooling is very fast in the weld nugget 

region, D.t815 < 1 s, thus one may anticipate a fully bainitic structure in this region. Figure 4 

shows the temperature distribution at the end of the heat input phase, and during cooling after 

welding when the highest temperature in the flanges has decreased below lOO·C. 
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Fig. 4 Temperature distribution (3D-model) in flanges at the end of heat input phase, and 
when highest temperature in box beam is below lOO·C 

Local stress field at one spot 

The distribution of the longitudinal stresses determined with the detailed 3D-model and with 

the simplified model are shown in Fig. 5. As can be seen in Fig. 5 the stresses in the 

longitudinal direction determined with the simplified model agree qualitatively well with those 

from the more detailed analysis. The agreement is sufficiently good to justify use of a 

simplified model. Thus, both the 3D-model and the shell model predict the longitudinal stress 

200 MPa on the flange surface at the spot. However, below the surface, in the weld nugget, an 

almost tri-axial residual stress develops with a resulting hydrostatic pressure higher than 200 

MPa. The longitudinal stresses on the lateral surfaces are found to be compressive with a 

maximum magnitude of about 10 MPa. 

Global stress field in spot welded box beam 

Cold-forming process An attempt is also made to consider the residual stresses caused by the 

cold forming process that proceeds the spot welding. When a corner is cold-formed, yielding in 

the circumpherential direction takes place. This will result in a decrease in thickness and the 

fonnation of residual stresses in the longitudinal direction, see Ingvarsson [9]. The longitudinal 

stresses in the plane parts of the cross section of the beam will be compressive to balance the 

tensile longitudinal stresses in the cold-formed parts. Here, these stresses are introduced by 

lowering the temperature locally at the nodes along each of the cold-formed corner lines. 
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Fig. 5 Comparison of calculated welding residual longitudinal stress field (in Pa) in flange 
part of local model after use of 3D FE-analysis (considering temperature history) and after use 
of simplified shell FE-analysis (where temperature history is not followed) 

Thus, the elements that share these nodes will contract. The size of these elements are chosen 

to coincide with the extension of the cold-formed area to give these stresses a proper 

distribution. 

Simplified stress field The welding process for each spot is simplified as described above in 

the local shell model. This is done simultaneously for all twenty spots. During this welding 

simulation, and also during the subsequent loading, the left and right flanges are not allowed to 

penetrate each other. This is achieved through the use of gap elements available in the FE-code 

used (ABAQUS). One may note that second order effects caused by the membrane residual 

(welding and forming) stresses are also considered. The total number of (real parts of the) dofs 

for this model is about 11100. 

One finds that the longitudinal residual stresses will reach the yield stress level in the flanges, 

and that they will be compressive with the maximum magnitude 40 MPa on the left lateral 

surface of the box beam. This value differs considerably from the value -10 MPa obtained for 

the same location with the local model. However, since the heated flanges are located outside 

the neutral surface of the box beam, the spot welding process will induce an additional bending 

moment (and curvature) not accounted for in the local model. This resulting curvature of the 

box beam is displayed in Fig. 6 where also the separation of the flanges between the spots is 

displayed (which is demonstrated in both the local and the global model). The separation of the 

flanges is caused by the constrained membrane thermal expansion in the flanges, and this 

effect is found to be stronger than the compression caused by pressure from the electrodes. 



www.manaraa.com

284 

Fig. 6 Residual defonnation field for box beam as calculated by global shell model, 
considering both fonning and spot welding, and residual defonnation of flange at one spot as 
calculated by the 3D-model (magnification factors used are 400 and 50 respectively) 

Dynamic analysis of spot welded box beam 

Eilj!enfrequencies The present box beam has about eight non-zero eigenfrequencies below 500 

Hz. Considering first an ideal box beam where the flanges are continuously connected, the 

lowest eigenmodes are found to excite the lateral surfaces only and they correspond, 

approximately, to the lowest eigenmodes for simply supported plates. The global bending 

eigenmodes for the box beam are found to have considerably higher frequencies. The flanges 

deflect noticeably first in eigenmode no 13 (with the eigenfrequency 760 Hz). 

The values of' the lowest eigenfrequencies change only marginally when the geometrical 

constraints at the spots are introduced since the flanges are much stiffer than the lateral 

surfaces. However, when residual stresses from the welding and from the cold fonning are 

considered (tog~ther with the geometrical constraints) a noticeable decrease, about 10%, for the 

lowest eigenfrequencies are calculated. Figure 7 shows the calculated eigenmode 8 for the box 

beam with the geometrical constraints at the spots introduced, with fs = 283 Hz (fs = 284 Hz 

for an ideal box beam), and for the same box beam where residual stresses have also been 

considered, with Is = 253 Hz. This reduction can be explained by the presence of compressive 

longitudinal re~idual stresses on the lateral surfaces of the box beam, and the figures 

correspond well with previous results for stiffened welded plates, see [3], and with handbook 

estimations of eigenfrequencies for simply supported plates loaded with inplane forces. 
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Fig. 7 Calculated undamped eigenmodes (no:s 8) for box beam with geometrical constraints at 
the spots introduced (left) and for the same box beam with residual stresses from 
manufacturing also included (right) 

Harmonic response The box beam will now be subject to a harmonically varying transverse 

point load applied at one of the membrane ends, see Fig. 1. This loading case excites low 

eigenmodcs of the box beam. The corresponding magnitude of the transverse point mobility in 

the point of load application is chosen as output (the real part of the mobility is a measure of 

the input of mechanical power). The damping in spot welded (or bolted) structures is believed 

to be caused mainly by pumping of air between the flanges at locations between the spots, see 

Cremer, Heckl and Ungar [10]. In the present analysis, air pumping is modelled primarily as 

viscous Rayleigh damping with the loss factor 11 in the range 1 % to 5% at the frequencies of 

interest, see [10]. Since the webs and the lateral surfaces of the box beam can be considered as 

undamped, the structure will be nonproportionally damped. Formally, a direct solution of the 

resulting system of FE-equations by use of complex mathematics must then be employed. 

Figure 8 shows the influence of the manufacturing process on the transverse point mobility. 

Beside the lowering of resonance frequencies, the presence of residual stresses in the lateral 

surfaces is also seen to give higher mobilities at frequencies below 270 Hz. The lowest elastic 

eigenmode if7 = 222 'Hz for the ideal box beam) is symmetric and is not excited by a 

transverse force located at the end of the beam. 
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Fig. 8 Calculated magnitude of transverse point mobility for point of load application. 
Influence of residual stresses (RS) and of modelling of damping in flanges are displayed 

The numerical calculations have also shown that qualitatively the same results can be obtained 

(see Figure 8), with a drastic reduction in CPU-time, using a so called composite modal 

damping (CMD). In CMD modal superposition with a weighted frequency independent fraction 

of critical damping, ~, for each mode is used: The corresponding factors for each part of the 

structure are then weighted by the mass matrix for each part, and by the (global) eigenmodes 

to give the average value of ~ for each mode. For the flange parts the loss factor 1') is here 

taken as 2.5% which is believed to be a reasonable average value in the frequency range 

studied (200-400 Hz), see [10]. Due to difficulties in locating resonance frequencies with the 

direct solution of the FE-equations, the calculated results will differ somewhat at these points. 

However, Fig. '8 shows that the CMD results also differ from the results obtained from the 

correct direct solution at frequencies below 250 Hz. Here, the CMD computed response is too 

stiff. This is probably due to the finite number of eigenmodes (30) employed in the CMD 

approach. 
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